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Abstract

The increasing demand for infrastructure space in urban areas presents enormous prospects and

challenges for the expansion and utilisation of underground spaces. Tunnels are a common

way to utilise underground space, yet tunnel excavations are often situated close to existing un-

derground and surface structures (such as piles, strip foundations, and masonry buildings) and

bring potential risks to these structures. Therefore, it is important to understand soil-structure

interaction mechanisms in tunnelling scenarios to provide a reference for designing new tunnels

near deep pile foundations or under masonry buildings with shallow strip foundations. Never-

theless, due to the complexity of actual engineering projects, few studies have accurately inves-

tigated the comprehensive tunnel-soil-pile interaction (TSPI) and tunnel-soil-masonry building

interaction with shallow strip foundation (TSBI) problems.

This thesis focused on three main areas to provide insights into TSPI and TSBI problems:

(1) mechanisms of tunnelling under capped non-displacement piles (TSPI), (2) development

of new approaches for studying tunnelling under masonry walls with shallow strip foundations

(TSBI), and (3) TSBI mechanisms involving different types of masonry walls and material pa-

rameters. This study used geotechnical centrifuge testing as the primary method to simulate

the tunnelling process under foundations in dense sand. In particular, based on the previous

method for studying tunnel-pile-elastic framed building interaction problems developed at the

University of Nottingham Centre for Geomechanics (NCG), an advanced coupled centrifuge-

numerical modelling (CCNM) approach was developed (regarding the study of (2)). In the new

CCNM approach, the displacements of a strip foundation affected by tunnelling measured in

the centrifuge model are transferred to an Abaqus numerical model of a masonry wall, which

predicts changes in structural loads within the wall and then feeds back the updated loads to

the strip foundation in the centrifuge model. This iterative process continues between the cen-

trifuge and numerical models until the system reaches stability. The new CCNM method com-

bines the advantages of centrifuge models (providing soil stress/deformation data) with those

of numerical models (capturing structural details along with associated load distributions and

deformations) and achieves the use of non-linear materials and a continuous interface between

physical and numerical domains in hybrid testing.
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The study of (1) tunnelling under capped non-displacement piles (TSPI) focuses on the ef-

fect of a pile cap (representative also of a raft or grade beam) in contact with the soil surface

on load transfer mechanisms. Experiments included loading tests to ascertain the foundation

capacity and load-displacement response in the presence/absence of an underlying model tun-

nel. Individual ‘reference’ pile response is compared for cases with and without a pile cap,

including pile displacements and load distributions between the head, shaft, and base; the case

of ‘friction’ piles with a compressible base is also considered. Results show that uncapped

piles with relatively large service loads experience ‘geotechnical failure’ (i.e. large settlements

or a significant increase in settlement rate with tunnel volume loss) to mobilise base or shaft

resistance, while pile caps can effectively prevent geotechnical failure.

The study of (2) tunnelling under masonry walls with shallow strip foundations (TSBI) ver-

ifies that the CCNM approach can effectively achieve load redistribution within masonry walls

during tunnelling and its applicability in scenarios with different relative wall-to-tunnel posi-

tions. The CCNM test results, when compared with ‘conventional’ test outcomes where wall

loads remain constant during tunnelling, highlight the importance of wall stress redistribution

in risk assessments. The function of load redistribution is also well demonstrated in eccentric

cases, where the location of tensile damage shifts from the lower part of the wall to the upper

part (near the middle of sagging/hogging regions) when the wall-to-tunnel eccentricity e/L in-

creases from 0 to 1/2. The bays nearest the tunnel centreline exhibit more bending behaviour

with equivalent plastic strain areas (PEEQ) reducing with e/L, while bays above inflection

points or further away from the tunnel show mixed bending and shear response with PEEQ for

bays further away tending to increase with e/L.

The study of (3) TSBI mechanisms with different types of masonry walls and material pa-

rameters reveals the role of wall structural characteristics and material properties in TSBI prob-

lems by CCNM tests on tunnelling under standard masonry walls (with different heights and

openings) and non-standard walls (with varying Young’s modulus and density within a two-

storey masonry wall with openings). The results show that high bending stiffness and low

self-weight cause a dispersed distribution and horizontal connections (i.e. wall length direc-

tion) of tension damage areas within the walls and similar maximum bay angular distortions,
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while low bending stiffness and high self-weight result in a concentrated distribution and verti-

cal connections (i.e. wall height direction) of tension damage areas and higher maximum bay

angular distortions. No gaps exist between the foundation and the surface, and more flexible or

lighter walls produce greater differential settlements. This part also explores the impact of the

existing walls on soil movements during tunnelling.

In short, this thesis makes innovative contributions to, in tunnel excavation scenarios, the

load transfer mechanisms of cap piles, the testing approach for the response of masonry walls

with shallow strip foundations, and the deformation and damage mechanisms of masonry walls.

Keywords: tunnel, pile, pile cap, strip foundation, masonry wall, centrifuge modelling, Abaqus,

hybrid modelling
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Chapter 1

Introduction

1.1 Background

Urbanization necessitates the expansion of infrastructure to accommodate various needs such

as housing, production, and transportation. In this context, underground spaces, particularly

tunnels, have gained prominence for their potential to alleviate surface traffic congestion and

enhance travel efficiency. Given the dense urban infrastructure, tunnels are often constructed be-

neath or in proximity to existing buried structures (such as piles, shallow foundations, pipelines,

and basements). Tunnel excavation activities would induce stress relief and movements of the

surrounding soil, which brings potential risks of damage to nearby underground infrastructure

and corresponding surface buildings.

The designs of new tunnels require a comprehensive assessment of the impact on neighbour-

ing infrastructure to mitigate potential damage and minimize the risk of accidents. In addition,

engineers commonly employ strategies such as compensation grouting and protective walls,

which should be based on a precise evaluation of how structures respond to tunnelling to ensure

economically viable plans are implemented. In practice, the designs and protective measures

tend to be over-conservative to ensure safety due to insufficient understanding of tunnelling

effects, resulting in increased costs and reduced space utilization efficiency.

Pile foundations have been widely used by mankind for centuries to support buildings (in-

cluding residentials, historical heritages, high-rise buildings, and bridges) in areas with unsta-
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ble soil (Mandolini et al., 2005; Klaassen and Creemers, 2012). Masonry buildings on shallow

foundations make up a substantial proportion of the building stock of many countries around

the world (see, for example, Piddington et al. (2020) for the United Kingdom). Tunnel-soil-pile

interactions (TSPI) and tunnel-soil-masonry building (with shallow strip foundations) interac-

tions (TSBI) are therefore commonplace scenarios that have received considerable attention

from practitioners.

First, for the TSPI problems related to piles (a typical deep foundation), tunnelling under

piles may reduce pile load capacities and alter the axial load distributions along the pile shaft

(Marshall and Mair, 2011; Franza and Marshall, 2018; Song and Marshall, 2020). The load ca-

pacities and load transfer mechanisms of piles are influenced by pile configurations (including

pile diameter, shaft length, and elements like pile cap and base), pile installation methods (in-

cluding driven piles and bored piles), pile positions relative to tunnels (for example, tunnelling

under pile tips and near pile shafts), and external conditions (such as applied loads and tunnel

excavations). Field and laboratory tests (Jacobsz et al., 2004; Kaalberg et al., 2005; Lee and

Chiang, 2007) and theoretical and numerical analyses (Chen et al., 1999; Cheng et al., 2007)

have been conducted to explore the TSPI issues. Among these, geotechnical centrifuge testing

stands out as an effective method to model TSPI scenarios by employing scaled-down physical

models at elevated acceleration-level (gravity-level) environments to replicate full-scale scenar-

ios with realistic stress conditions, yielding comprehensive and dependable data encompassing

tunnelling-induced soil movements and building/foundation reactions. For example, the tests

on tunnelling under piles carried out using the 50 g-tone geotechnical centrifuge at the Univer-

sity of Nottingham Centre for Geomechanics (NCG) provided a lot of useful insights into TSPI

problems (Franza, 2017; Song, 2019). The TSPI mechanisms serve as an important reference

for more complex scenarios, such as tunnelling beneath piled structures.

Second, for the TSBI problems related to shallow foundations (including raft and strip foun-

dations), applying greenfield surface settlement to the bottom of equivalent beams for theoreti-

cal calculation is a simplified method in building damage assessments (Mair et al., 1996), and

subsequent improvements have incorporated additional factors like building self-weight and

shear stiffness (Potts and Addenbrooke, 1997; Franzius et al., 2006) or using the Timoshenko
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beam to replace the Bernoulli–Euler beam or developing new equivalent beam methods (Pick-

haver et al., 2010; Franza et al., 2017) to minimize errors. Geotechnical centrifuge modelling,

similar to what was mentioned above, can provide valuable insights by replicating realistic

deformations and failure characteristics of buildings induced by tunnelling, however the utiliza-

tion of centrifuge-compatible physical models of masonry buildings (such as small-scale mod-

els, plate models, 3D printed models) might oversimplify complex building attributes, leading to

inadequate evaluations of building responses (Mair, 2013; Farrell et al., 2014; Ritter et al., 2017,

2018; Franza and Marshall, 2018). Numerical simulations of entire scenarios (encompassing

soil, tunnel, and buildings with foundations) are capable of simulating detailed distortion and

damage within full-scale building models (Burd et al., 2000; Son and Cording, 2005; Yiu et al.,

2017), but the credibility of results should be verified with real on-site or experimental data.

These limitations hinder a comprehensive understanding of the TSBI mechanisms. Hybrid test-

ing methods dissect complex problems into components suited for physical or numerical model

domains, integrating the strengths of both model domains, with the key data within two model

domains interacting through a shared boundary. The real-time coupled centrifuge-numerical

modelling (CCNM) approach developed at NCG achieved modelling tunnelling under elastic

framed buildings (considering only building stiffness) with pile foundations in plane strain con-

ditions (Idinyang et al., 2019; Franza and Marshall, 2019a; Song and Marshall, 2020) which

might provide some inspirations for studying TSBI problems.

Despite significant progress in elucidating the mechanisms of TSPI and TSBI, accurately

predicting the impact of tunnelling on buildings and foundations remains challenging due to

the intricate nonlinear behaviours of both soil and structures. Current simulation or predic-

tion methods typically involve over-simplification or homogenization assumptions about the

research objects, which may lead to under- or overestimation of the responses of the target as-

sets. Therefore, conducting an in-depth study of the TSPI and TSBI mechanisms is imperative.

For the TSPI problems, one notable gap is the limited understanding of how pile caps in-

fluence single-pile response to tunnelling activities. In this thesis, a capped pile is defined as

an isolated pile topped by a rigid cap that is in contact with the soil. These foundations, when

subjected to large vertical displacements (such as those caused by tunnelling), will behave as
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a hybrid foundation, where both the cap and the pile transmit load to the underlying soil (the

response to tunnelling of a capped pile is distinct from that of a piled raft, which would be able

to transfer loads through the raft to other piles within the raft without mobilising significant

additional bearing stress beneath the raft).

For the TSBI problems, there is a need for more advanced and accurate simulation methods

to better understand the complex mechanisms that are involved. In this thesis, isolated masonry

walls are selected for investigating building response to tunnelling using an advanced modelling

approach (i.e. the coupled centrifuge-numerical modelling (CCNM) approach; introduced later)

which currently applies to planar scenarios. In this thesis, masonry walls with strip foundations

that rest on the soil surface are considered, which differs from the real cases where shallow

foundations are typically buried at a shallow depth. Despite this difference, outcomes still

provide significant insights into the main soil-structure interaction mechanisms, in particular

the effect of load redistribution within the walls, which is a novel contribution of this work.

1.2 Aims and objectives

The TSPI and TSBI problems are common scenarios related to tunnelling, which can be in-

vestigated using similar methods such as geotechnical centrifuge modelling. The pile caps are

essentially derived from shallow foundations to improve the mechanical response of piles, thus

understanding these mechanisms can help not only estimate the impacts of new tunnels on ex-

isting piles and/or shallow foundations but also the design of new foundations to compensate

building loads or excavation needs.

The aim of this thesis is, concerning the lacking research aspects of TSPI and TSBI prob-

lems, to investigate the effect of pile caps on tunnelling-induced pile load transfer mechanisms

in centrifuge tests and develop a new coupled centrifuge-numerical modelling (CCNM) ap-

proach (based on the pioneering work of Idinyang et al. (2019)) to further accurately study the

effect of tunnelling on masonry walls with shallow strip foundations. The main study objectives

are as follows:

• Investigate the load transfer mechanisms of non-displacement capped piles before, during,
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and after tunnel volume loss with reference to uncapped pile (i.e. reference pile) and raft

foundation (with the same size as the pile cap) behaviour and including an evaluation of

the effect of initial pile load distribution (TSPI problem). Establish a correlation between

tunnelling-induced changes in pile settlement, influenced by levels of pile external loads, and

greenfield surface settlement. Innovative fibre Bragg Grating (FBG) strain sensors within the

piles were used to evaluate load transfer mechanisms.

• Develop a new version of the coupled centrifuge-numerical modelling (CCNM) approach to

enable the study of shallow strip foundations (for TSBI problem). The new CCNM develop-

ment includes a novel implementation of non-linear masonry wall behaviour. The new CCNM

approach achieves the simulations of realistic walls (considering gravity, structural charac-

teristics, and non-linear materials) and the establishment of a continuous interface between

the centrifuge and numerical domains. The rationality and progressive nature of the CCNM

approach is validated by comparing test results using CCNM and the mere conventional con-

stant dead-load method. The new CCNM technique is extended to different wall-to-tunnel

eccentricities (e/L = 0-1/2, considering different settlement profiles).

• Study the tunnel-soil-masonry wall interaction mechanisms using the CCNM approach (TSBI

problem). Study the scenarios of tunnelling directly underneath masonry walls (e/L = 0), with

various wall heights (1-3 storeys), opening ratios (0-27%), Young’s modulus (reproducing

the bending stiffness of one- and three-storey masonry walls within the reference two-storey

wall), and density (reproducing the self-weight of one- and three-storey masonry walls within

the reference two-storey wall). The outcomes of these tests will contribute to the understand-

ing of building/foundation/soil responses to tunnelling.

1.3 Thesis outline

This thesis comprises the following seven chapters:

• Chapter 1 introduces the background, aims, objectives, and structure of the thesis.



CHAPTER 1. INTRODUCTION 6

• Chapter 2 presents a review of the existing literature concerning the effects of tunnelling on

soils, piles, and masonry buildings.

• Chapter 3 describes the methodology and experimental setup for the TSPI and TSBI stud-

ies, including the development of the new coupled numerical-centrifuge modelling (CCNM)

approach for shallow strip foundations.

• Chapter 4 investigates the tunnelling effect on non-displacement capped piles in dense sand

considering pile components (cap versus no cap, and soft base) and different working load

levels (TSPI problem).

• Chapter 5 verifies the progressiveness of the CCNM method by comparing CCNM results

with constant dead-load test results and extends the CCNM applicability on TSBI scenarios

with different relative tunnel-to-wall positions (TSBI problem).

• Chapter 6 investigates the mechanisms of tunnel-soil-masonry wall interactions with shallow

strip foundations through the advanced CCNM method, emphasizing the roles of building

height, openings, bending stiffness, shear stiffness, and self-weight (TSBI problem).

• Chapter 7 summarises the major findings of this study and provides some suggestions for

future work.



Chapter 2

Literature review

This chapter systematically reviews research related to the impacts of underground tunnel exca-

vation activities on surrounding ground movements and the responses of adjacent pile founda-

tions and low-rise buildings with shallow foundations. First, the chapter introduces surface and

subsurface soil movements induced by tunnelling in greenfield conditions (where there are no

existing structures), along with related theories describing and predicting soil movements. Next,

studies on settlement patterns and load transfer mechanisms of pile foundations (including sin-

gle piles, pile groups, and piles under buildings) in various tunnelling conditions, with a focus

on findings from geotechnical centrifuge modelling tests, are presented. Subsequently, stud-

ies on masonry building deformations and the assessment methods of building damage when

tunnelling occurs beneath or nearby are reviewed. Finally, the existing literature is briefly sum-

marised and identified study gaps are discussed, which informed the direction of this research

project.

7
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2.1 Greenfield tunnelling

Greenfield refers to a scenario where there are no existing infrastructure both above and below

the ground surface. Excavations for underground tunnels in greenfield inevitably disturb the

surrounding soil, resulting in soil stress relief and ground movement, and ultimately causing

surface settlement (Fig. 2.1). This section presents an overview of the understanding of tunnel-

soil interaction mechanisms, which can provide a reference for risk assessments in scenarios

involving tunnel excavations near surface and subsurface assets in urban areas.

Sv,max

x

zt
z

y

extent of surface 
settlement trough

tunnel 
advance

Fig. 2.1. Greenfield surface settlement induced by tunnelling (modified from Franza et al.
(2016), based on image from Attewell et al. (1986), with symbols adapted for consistency
within this thesis)

Mair and Taylor (1997) summarised five primary factors contributing to soil movement in

the vicinity of tunnels associated with the shield tunnelling method, as shown in Fig. 2.2:

(1) Ground movement towards the tunnelling face due to stress relief, which is typically

considered the primary cause of ground movement, particularly in open-faced tunnelling

in clays;

(2) Radial ground movement resulting from an over-cutting edge along with potential plough
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or yaw during shield passage;

(3) The presence of a tail void between the shield tailskin and the installed lining;

(4) Lining deformation induced by ground loading; and

(5) Changes in effective stress of soil due to consolidation (especially soft clay).

Fig. 2.2. Five main reasons of ground movement during shield tunnelling (Song (2019), based
on image from Cording (1991); Mair and Taylor (1997))

Tunnelling-induced soil movement patterns might be quite different in clays and sands, as

shown in Fig. 2.3. The soil movements tend to propagate horizontally within a wide range in

clays while a vertical propagation of soil movement from the tunnel crown within a narrow

range, resembling a chimney shape, exists in sands.

Fig. 2.3. Observed soil movement patterns according to centrifuge tunnelling tests (Mair, 1979;
Franza, 2017)
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2.1.1 Soil transverse settlement

Tunnelling-induced transverse ground settlements (determined after stabilisation for clays) un-

der plane strain conditions (i.e. in the transverse plane perpendicular to the tunnel axis) are

commonly described using empirical formulas, such as the standard Gaussian curve (Peck,

1969) and modified Gaussian curve (Vorster et al., 2005a). The typical ground loss distribu-

tions around the tunnel and the resulting surface settlement trough are illustrated in Fig. 2.4.

Vl,s:Vl,t:

x, Sh

z, Sv

Sv,max

(a) (b)

Tunnel ground loss distribution

Fig. 2.4. Illustration of (a) transverse tunnel and soil volume losses; (b) typical tunnel ground
loss distributions for shallow tunnels (Franza et al., 2019)

Peck (1969) proposed the adoption of the standard Gaussian distribution curve to match

the shape of transverse surface settlement troughs caused by tunnelling in clays under drained

conditions:

Sv = Sv,max ·exp

(
− x2

2i 2

)
(2.1)

where Sv is the surface settlement, Sv,max is the maximum surface settlement, i is the horizontal

distance between the tunnel centreline and the inflection point of the fitted curve, and x is the

horizontal distance from the tunnel centreline. Therefore, the volume of the transverse surface

settlement trough per unit length in the tunnel axial direction, Vs , can be described as:

Vs =
p

2πi Sv,max (2.2)
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The shape of the standard Gaussian curve in Eq. 2.1 is jointly determined by the maximum

surface settlement Sv,max and the inflection point i . For the parameter i , O’Reilly and New

(1982) found that i is an approximately linear function of the tunnel depth zt :

i = K zt (2.3)

where K is a width parameter of the settlement trough, and Mair and Taylor (1997) suggested

K equals 0.4-0.6 for clays and 0.25-0.45 for sands and gravels.

Subsurface settlement profiles exhibit certain similarities to surface settlement troughs. To

predict subsurface settlements, Mair et al. (1993) adopted the standard Gaussian curve (Eq. 2.1)

and found that the inflection point i is proportional to the distance between the target depth and

the tunnel depth level, where the proportion K is calculated by the ratio of the target depth to

tunnel depth z/zt :

i = K (zt − z)

K = 0.175+0.325(1− z/zt )

1− z/zt

(2.4)

Jones (2010) reported that Eq. 2.4 would overestimate the width parameter K for deep tunnel

cases. Instead, the author proposed a logarithmic formula Eq. 2.5 to define the width parameter

K of subsurface settlement curves based on field monitoring data:

K =−0.25ln(zt − z)+1.234 (2.5)

Several authors reported that i is also a function of the tunnel diameter D t , especially for

shallow tunnels (Clough and Schmidt, 1981; Moh et al., 1996; Lee et al., 1999). For example,

Lee et al. (1999) suggested using Eq. 2.6 to establish the relationship between i and the tunnel

diameter D t based on centrifuge tests of tunnelling in soft clays:

2
i

D t
= 1+0.58

z

D t
(2.6)

The standard Gaussian curve method provides good assessments of soil movements induced
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by tunnelling in clays (Peck, 1969; O’Reilly and New, 1982; Mair et al., 1993). However, when

tunnelling in sands, soils exhibit different movement modes and surface/subsurface settlement

trough shapes compared with clays (see Figure 2.4(b)) due to complex soil dilation and contrac-

tion behaviours, which are associated with changes in cover-to-tunnel diameter ratio C /D t , soil

relative density Id , and tunnel volume loss Vl ,t (Marshall et al., 2012; Zhou et al., 2014; Franza

et al., 2019). Several researchers reported that the standard Gaussian curve (Eq. 2.1) cannot

always adequately fit surface settlements resulting from tunnel excavations in sands (Mair and

Taylor, 1997; Celestino et al., 2000; Jacobsz et al., 2004; Marshall et al., 2012). For example,

O’Reilly and New (1982) and Mair and Taylor (1997) reported more scatter in the data for

parameter K related to settlement trough width using the standard Gaussian curve Eq. 2.1 and

Eq. 2.3 to interpolate field data. Based on the work from Clough and Schmidt (1981), Moh

et al. (1996) proposed Eq. 2.7 to characterize the field subsurface settlement troughs from the

Tapei Mass Transit system in silty sands:

i =
(

D t

2

)(
zt

D t

)0.8 (
zt − z

zt

)m

(2.7)

where the author suggested m is 0.4 for silty sands and 0.8 for silty clays.

To describe tunnelling-induced surface settlement troughs quantitatively and accurately, a

yield-density type curve (Eq. 2.8) (Celestino et al., 2000), a slightly different form of the Gaus-

sian curve (Eq. 2.9) (Jacobsz et al., 2004), and a modified Gaussian curve (Eq. 2.10) (Vorster

et al., 2005a) were proposed:

Sv (x) = Sv,max

1+ (|x|/a)b

i = a

(
b −1

b +1

)1/b
(2.8)

where a is a length dimension and b is dimensionless.

Sv (x) = Sv,maxexp

[
−1

3

( |x|
i

)1.5]
(2.9)
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Sv = nSv,max

(n −1)+exp[α(x2/i 2)]

n = exp(α)
2α−1

2α+1
+1

(2.10)

where the parameter α controls the shape of settlement troughs and maintains the definition of

i , i.e. inflection point, consistent with the standard Gaussian curve Eq. 2.1. The inclusion of

three variables (Sv,max , α, i ) complicates the calculation process of Eq. 2.10 (compared with

the standard Gaussian curve (Eq. 2.1) with two variables (Sv,max , i )), and Eq. 2.10 becomes

Eq. 2.1 when n = 1. Marshall et al. (2012) provided evidence to support the universality of the

modified Gaussian curve (Eq. 2.10) by analysing centrifuge test data of greenfield tunnelling in

dense sand using Eq. 2.1 and Eqs. 2.8-2.10, with results demonstrating that Eq. 2.10 is capable

of providing an excellent fit with varying depth of interest z and tunnel volume loss Vl ,t .

Despite the improved fitting accuracy of the modified Gaussian curve to settlement troughs,

the parameter α lacks direct physical meaning. Marshall et al. (2012) proposed an alternative

approach to describing the shapes of settlement curves using two specific points, (x∗,0.606Sv,max)

and (x∗∗,0.303Sv,max), where (x∗,0.606Sv,max) is based on the position of the inflection point

at the standard Gauss curve (i ,0.606Sv,max). Combining Eq. 2.10 and Eq. 2.4, Marshall et al.

(2012) proposed Eq. 2.11 to predict ground surface and subsurface settlement trough shapes in

dense sand with varying cover-to-tunnel diameter ratio C /D t and tunnel volume loss Vl ,t :

K ∗(∗) = K ∗(∗)
s + (

∂x∗(∗)/∂z
)

(z/zt )

1− z/zt

K ∗(∗)
s = K ∗(∗)i nt

s,C /D t
+K ∗(∗)sl ope

s,C /D t
(C /D t )+K ∗(∗)sl ope

s,Vl ,t

(
Vl ,t

) (2.11)

where K ∗i nt
s,C /D t

= 0.440, K ∗sl ope
s,C /D t

= 0.055, K ∗sl ope
s,Vl ,t

= −0.041, ∂x∗/∂z = −0.436, (∂x∗∗/∂z) =
(∂x∗/∂)z−0.20, K ∗∗

s = K ∗
s +0.29. The authors assumed a linear relationship between the settle-

ment trough parameters and cover-to-tunnel diameter ratio C /D t and tunnel volume loss Vl ,t .

Following Marshall et al. (2012), Franza and Marshall (2019b) extended the analysis of cen-

trifuge tunnelling test data, incorporating the influence of cover-to-tunnel diameter ratio C /D t

and soil relative density Id , and proposed a set of equations (Eq. 2.12) to calculate the settlement
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trough parameters due to the non-linear effect of C /D t :

∂x∗/∂z = (+0.81Id −0.93) ln(C /D t )−0.60Id −0.07

1+ z/zt

∂x∗∗/∂z = (+1.50Id −1.55) ln(C /D t )−0.96Id −0.28

1+ z/zt

K ∗sl ope,ln
s,Vl ,t

= (+0.35Id −0.30) ln(C /D t )−0.22Id +0.07

K ∗∗sl ope,ln
s,Vl ,t

= (+0.41Id −0.35) ln(C /D t )−0.22Id −0.01

K ∗i nt ,ln
s,Vl ,t

= (−0.84Id +0.95) ln(C /D t )+0.45Id +0.07

K ∗∗i nt ,ln
s,Vl ,t

= (−1.16Id +1.36) ln(C /D t )+0.47Id +0.42

(2.12)

2.1.2 Soil transverse horizontal movement

It has been observed that soil horizontal displacements are typically much lower than vertical

displacements (Marshall and Mair, 2011; Standing and Selemetas, 2013; Farrell et al., 2014;

Yiu et al., 2017; Franza et al., 2019). However, there is still a potential for the tunnelling-

induced soil horizontal movements to impact nearby structures or structure groups during tunnel

excavation activities. Although soil horizontal displacements and strains can be derived from

numerical or physical modelling tests, directly measuring soil horizontal movements in field

sites is challenging (time-consuming). Therefore, researchers tried several methods to estimate

soil horizontal displacements based on the available settlement data.

O’Reilly and New (1982) proposed an estimation formula to describe the horizontal move-

ment Sh of clays with the assumption that the width parameter K of settlement troughs does not

change with depth and the displacement vectors point to the tunnel axis:

Sh(x) = x

z − zt
·Sv (x) (2.13)

Soil horizontal strains εh can be derived by taking the derivative of Eq. 2.13, in conjunction

with Eq. 2.1:
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εh(x) = Sv,max

zt − z
·exp(− x2

2i 2
) · (1− x2

i 2
) (2.14)

The illustration of surface settlement and predicted horizontal displacements and strains are

shown in Fig. 2.5. ε̂hc and ε̂ht represent the maximum compressive and tensile strains in the

transverse horizontal direction, respectively. Note the false mirror symmetry of the horizontal

displacement curve (which should exhibit point symmetry, representing soil on both sides of

the tunnel moving in opposite horizontal directions), as it originates from the axisymmetric

settlement curve without considering the issue of horizontal directions.

Sh,max

Sv,max

i

ii

Fig. 2.5. Surface horizontal displacement and strain in the transverse direction along with
settlement trough (Franzius, 2003)

Attewell and Yeates (1984) introduced a constant n into Eq. 2.13 to accommodate various

tunnelling scenarios:

Sh(x) = nx

z − zt
·Sv (x) (2.15)

The authors suggested n = 1 is applicable for cohesive soils and n < 1 for granular soils (indicat-

ing that the displacement vectors of the soil point to a location below the tunnel axis). Marshall

(2009) also reported that a representative value of n within 0.46-0.91 based on centrifuge tun-

nelling tests in sand.

Taylor (1995b) proposed an alternative method to estimate soil horizontal displacements

based on a constant volume condition and the changes in K with depth z in Eq. 2.4:
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Sh(x) = x

(1+0.175/0.325)zt
·Sv (x) (2.16)

where the displacement vectors point to the tunnel centreline depth of 0.175z0/0.325 below the

tunnel axis. This estimation method was validated by centrifuge test results in clay (Grant and

Taylor, 2000).

2.1.3 Tunnel volume loss and soil movements

Under plane-strain conditions transverse to the tunnel axis, tunnel volume loss Vl ,t is the ratio

of soil loss area at the tunnel periphery Vt to the initial excavation area V0, whereas soil volume

loss Vl ,s represents the ratio of the settlement trough area Vs to the tunnel excavation area V0.

The magnitudes and relationship between Vl ,t and Vl ,s are usually adopted to assess the effects

of tunnelling on ground movements, as shown in Fig. 2.4:

Vl ,t =
Vt

V0
×100% (2.17)

Vl ,s =
Vs

V0
×100% (2.18)

Engineers usually substitute Vl ,s for Vl ,t (i.e. assuming Vl ,t = Vl ,s) to estimate the ground

surface Vs for clays, taking into account the short-term undrained conditions of tunnel exca-

vation. Tunnel excavations typically occur in clays, and Mair and Taylor (1997) summarised

the experience in ground volume loss of the following cases: approximately 1-2% in stiff clays

(such as London clay) using open-face tunnelling techniques; 0.5-1.5% in London clay with

sprayed concrete linings (NATM); a high degree of settlement control with volume losses of

0.5% for sands and 1-2% for soft clays (excluding consolidation settlements) when using earth

pressure balance (EPB) and slurry machines; in mixed face conditions volume loss may be

higher for EPB and slurry machines. However, ground conditions and volumetric strains af-

fect the relationship of magnitudes of Vl ,s and Vl ,t in sands (drained conditions) due to soil

contraction and dilation behaviours (Marshall et al., 2012).

In experimental studies, model tunnel contraction methods are widely adopted to simulate
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ground loss, that is, Vl ,t can be obtained by dividing the reduced cross-sectional area of the

model tunnel by the initial cross-sectional area of the model tunnel (Marshall et al., 2009; Song

and Marshall, 2020). Franza et al. (2019) reported the relationships between Vl ,s and Vl ,t in

centrifuge tests of tunnelling in sand, as shown in Fig. 2.6. The results indicate that the surface

soil volume loss Vl ,s increases with the cover-to-tunnel diameter ratio C /D t and decreases with

soil relative density Id at a given tunnel volume loss Vl ,t ; soil volume loss tends to contract at

the beginning (for all conditions), and then to dilate under conditions of lower C /D t and higher

Vl ,t and Id .

Fig. 2.6. Soil volume loss Vl ,s against tunnel volume loss Vl ,t under different soil relative
density Id and cover-to-tunnel diameter ratio C /D t (Franza et al., 2019)

As shown in Fig. 2.4, the tunnel ground loss is distributed around the tunnel in clays (Lo-

ganathan and Poulos, 1998) but in sands it is concentrated at the tunnel crown (Marshall et al.,

2012). Franza et al. (2019) proposed the soil arching mechanism to explain the effects of sand

density and tunnel depth on shear strains and soil arching, as shown in Fig. 2.7. When tun-

nelling in dense and medium dense sands, a closed arch forms above the tunnel crown, where

the soil within the arch range moves vertically and significantly and the soil above the arch is

characterized by movements propagating upwards and outwards towards the surface. In loose

sands, ground loss propagates from near the tunnel shoulders towards the surface both verti-

cally and laterally. Shallow-buried tunnels tend to form a chimney-like displacement field with

narrow settlement troughs.

Song and Marshall (2020) reported that soil shear behaviours are also affected by the shrink-
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Fig. 2.7. Sketches of soil strains, arching mechanism, and ground loss propagation (Franza
et al., 2019)

age principles of tunnel models in centrifuge tunnelling tests. The authors conducted a series

of centrifuge tests of tunnelling in fine-grained silica sand at 80 g using an eccentric flexible

membrane (eFM) tunnel model (controlled by the tunnel inner pressure; this kind of tunnel

model was also adopted by Marshall et al. (2012) and Franza et al. (2019)) and an eccen-

tric rigid boundary mechanical (eRBM) tunnel model (controlled by the fixed changes in the

tunnel boundary). As shown in Fig. 2.8, shear regions (along with dilation zones) are concen-

trated around the tunnel boundary, specifically, near the tunnel crown/shoulder for the flexible

membrane (eFM) tunnel model and closer to the tunnel springline for eccentric rigid boundary

mechanical (eRBM) tunnel model. Additionally, the magnitudes of shear strain and dilative

volumetric strain of the eRBM test are significantly higher than the eFM test. The authors also

reported that the eRBM model always provides a wider settlement trough than the eFM model.
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Fig. 2.8. Contours of shear and volumetric strain for centrifuge tunnelling tests in sand with
C /D t = 2 at Vl ,t = 2% (Song and Marshall, 2020)

2.2 Tunnelling effects on pile foundations

Pile foundations are critical in Civil engineering developments to support heavy loads and min-

imise differential settlement of buildings and other structures, and help withstand lateral and

uplift forces during extreme loading scenarios such as earthquakes and storms. In general ap-

plication scenarios, shaft friction and base load jointly withstand vertical service loads at the

pile head. Pile installation methods influence the load transfer mechanisms and displacement

performance of piles, according to which piles are divided into two types: displacement piles

(i.e. driven or jacked piles), where shaft friction increases to cope with higher service loads,

with base load capacity (partly) mobilized during the subsequent loading process; and non-

displacement piles (i.e. bored piles), where both shaft friction and base load play important
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roles, with the base load capacity not being mobilized during installation.

The restricted availability of urban areas increases the demand for underground construc-

tion. In this circumstance, tunnel excavations often come close to or pass directly beneath

existing pile foundations, posing uncertain risks to these deep foundations and associated build-

ings (Mair et al., 1993; Jacobsz et al., 2004; Teparaksa et al., 2006; Phienwej et al., 2006). To

mitigate or avoid potential risks to surrounding structures with pile foundations, practitioners

typically adopt relatively conservative designs of tunnel excavations and/or implement addi-

tional protective measures. It is therefore crucial to understand how tunnelling activities affect

pile load capacities through changing the state of the soil around the pile, so as to guarantee the

safety and serviceability of structures (both superstructures and buried foundations) and simul-

taneously avoid waste of space, manpower, and money. This section presents an overview of

geotechnical centrifuge modelling and field studies of tunnel-soil-pile interaction (TSPI) prob-

lems, focusing on load transfer mechanisms and settlements of piles under different tunnelling

scenarios.

2.2.1 Centrifuge modelling studies

Small-scale physical models at 1 g (gravity) can provide indications of the important relation-

ships and trends in structural elements affected by tunnelling scenarios (Lee and Bassett, 2007;

Shahin et al., 2016; Moussaei et al., 2019; Zhu et al., 2023), however the direct applicability

of results to full-scale scenarios is questionable because of the mismatch in stress conditions

(where the 1 g model stresses are much less than the full-scale). Numerical models are able

to reproduce, in detail, many aspects of the construction and material complexities involved in

real tunnelling projects (Mroueh and Shahrour, 2002; Pang et al., 2005; Lee and Jacobsz, 2006;

Cheng et al., 2007; Lee, 2013; Nematollahi and Dias, 2019), however the reliability/fidelity of

results is difficult to verify unless corresponding experimental/full-scale data are available. In

contrast, geotechnical centrifuge simulations at high g-levels (representing relatively realistic

full-scale stress conditions) provide reliable data for the study of pile responses to tunnelling,

even though model structures/dimensions are simplified/reduced accordingly.
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2.2.1.1 Response of displacement piles and pile groups

Jacobsz et al. (2004) investigated the effects of tunnelling on single piles at different positions

related to the tunnel centreline in dense sand through centrifuge tests at 75 g. The experimental

setup replicated a real-world scenario featuring a 4.5 m diameter tunnel excavated at a depth of

21.5 m with 0.9 m diameter and 15-18.75 m deep (below the surface) single piles in the vicinity.

After centrifuge spin up to 75 g, the piles with 60° conical tips were pushed from the initial

175-225 mm depth (in model scale) to the target positions of 200-250 mm depth at 15 mm/min

to mobilise the base bearing capacity, representing displacement piles. The working loads of

the piles weas constant, with a safety factor of 2, during the tunnel volume loss process. Jacobsz

et al. (2004) explained the tunnelling-induced pile load transfer mechanisms, as is commonly

believed, that soil stress relief around the pile base reduces pile base loads and the altered loads

are transferred to pile shaft friction; upon reaching the maximum shaft friction capacity, high

levels of pile settlements and movement speeds occur at further tunnel volume loss to balance

the state of resisting pile working loads, ignoring the minor impacts of pile bending behaviours.

Jacobsz et al. (2004) defined influence zones around the tunnel using data obtained at a

tunnel volume loss of 1.5% (where large settlements, i.e. ≥ 20 mm in prototype scale, are

expected), as shown in Fig. 2.9.

• Zone A: pile settlement exceeded surface settlement; pile base loads reduced quickly

during Vl ,t = 0-1.5% and then remained constant with rapid pile settlement; shaft friction

was fully mobilised within settlement of 1% pile diameter (Sp /dp = 1%).

• Zone B: pile settlement exceeded surface settlement; pile base loads reduced with a simi-

lar rate to Zone A; shaft friction was mobilised quickly at Vl ,t = 1.5%, and then gradually

increased due to increased confining stress induced by high shear and dilation strains.

• Zone C: pile settlement approximated surface settlement; pile base loads reduced with a

relatively slow rate; shaft friction was initially negative (i.e. downwards) and not fully

mobilised.

• Zone D: pile settlement was less than surface settlement; pile base loads increased slightly

and then remained constant after Vl ,t = 1.5%; minimal changes were observed in negative

shaft friction.
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Fig. 2.9. Different influence zones of tunnelling excavations for piles (Jacobsz et al., 2004)

To validate the rationality of the influence zones around a tunnel proposed by Jacobsz et al.

(2004), Marshall and Mair (2011) carried out two groups of centrifuge tunnelling tests on dis-

placement piles in dry dense sand with a relative density of 90%; the test layout is shown in

Fig. 2.10, along with a greenfield tunnelling test. The first set included a pile directly above

the tunnel and the other pile away from the tunnel centreline by 2.1D t ; the second set involved

two nearly symmetrically located piles offset by about 1D t related to the tunnel centreline. The

aluminium piles, half piles precisely, had a semi-circular cross-section perpendicular to the pile

axis, and the pile axis cross-section was aligned with the inner face of the acrylic wall of the

strongbox, assuming no friction at the contact surfaces. The piles were jacked a distance of ap-

proximately two times the pile diameter 2dp into the sand after centrifuge spin up to the target

g-level (75 g), with a final C /D t of 2, to reproduce realistic stress conditions around the piles.

The pile working loads were set with a safety factor SF = 1.6 before the tunnel volume loss

process commenced.

Marshall and Mair (2011) reported the difference between pile and greenfield settlements
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Fig. 2.10. Tested piles (Marshall and Mair, 2011) located in different influence zones defined
by Jacobsz et al. (2004)

(normalised by pile diameter) during tunnel volume loss, as depicted in Fig. 2.11. The differ-

ence in settlements was negligible at initial low tunnel volume loss (Vl ,t ≤ 0.2%), after which

the settlement difference became more obvious under tunnel-soil-pile interactions. The soil be-

neath piles tended to undergo vertical compression–horizontal extension, while the soil along

the pile periphery experienced vertical extension–horizontal compression. Large pile settle-

ments would occur to counteract the loss in confining stress induced by tunnelling. The authors

also cautioned against adopting greenfield data (typically applicable for non-displacement pile

analysis) as an input for analytical analysis of tunnel-soil-pile interactions for driven or jacked

piles due to the effects of pile installation. These results confirmed the definition and interaction

mechanisms of the influence zones of tunnel excavation proposed by Jacobsz et al. (2004).

2.2.1.2 Responses of non-displacement piles and pile groups

Loganathan et al. (2000) performed three centrifuge tests to study the influence of tunnelling

depth on adjacent single piles and 2×2 pile groups (with piles sealed by a plastic cap) in stiff
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Fig. 2.11. Comparison of normalised pile settlement and greenfield settlement (Marshall and
Mair, 2011)

clay, as shown in Fig. 2.12. The piles were pushed into the preconsolidated kaolin clay at a

rate of 0.5 mm/s prior to the centrifuge spin-up and loaded with a safety factor SF = 2 at 100 g;

tests were intended to consider non-displacement piles. The results show that pile horizontal

deformations (including bending moments and lateral deflections) were critical when the tun-

nel centreline was situated near the pile tip level, whereas tunnelling occurring below the pile

tip level would result in critical pile axial force (especially pile base load). The effects of tun-

nelling depth on bending moments and lateral deformations of both single piles and piles in a

group at an identical distance from the tunnel were similar. The authors also reported a nearly

linear relationship between maximum bending moments of piles and ground loss values, which

confirmed the applicability of elastic analysis in predicting tunnelling-induced pile behaviours

(within Vl ,s ≤ 5%).
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Fig. 2.12. Centrifuge model configuration (Loganathan et al., 2000)

Williamson (2014) conducted a series of centrifuge tests (at 75 g) to investigate the impact of

pile offsets from the tunnel centreline when tunnelling beneath bored piles in stiff clay. The re-

sults of pile settlements, at different locations and working loads, were consistent with previous

studies. Piles exhibited a reduction in shaft friction when subjected to negative displacements

(upwards relative to soil) and an increase in shaft friction when subjected to positive displace-

ment (downwards relative to soil). Pile stiffening effects, compared with greenfield soils, altered

soil movements close to the pile shafts, resulting in greater shear strains in the soil zone between

piles than in areas distant from the piles. Furthermore, the author reported that there was no pile

failure even at high volume loss; instead, higher pile settlements occurred to generate sufficient

positive friction to maintain pile-soil equilibrium.

Lee and Chiang (2007) investigated the response of single bored piles buried with a depth

of 27 m (in prototype scale) under various working loads to nearby tunnelling activities (tunnel

diameter D t = 6 m; at various cover-to-tunnel diameter ratios C /D t = 1-4) in saturated sandy

ground through centrifuge tests. Strain gauges were affixed to the outer surface of the piles to

measure pile axial force and bending moment during the tunnelling process. The piles were

placed in predetermined positions during sand preparations and were not further driven after

the centrifuge reached the target g-level (100 g), representing bored piles. The results indicate

that, during tunnelling volume loss, pile shaft friction between the tunnel axis level and ap-
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proximately 1.5D t above the tunnel axis rapidly decreased for shallow tunnelling scenarios (i.e.

C /D t = 1-2), and a significant loss of pile base load capacity resulted in large pile settlements

when tunnelling near pile tips (i.e. C /D t = 4) (see Fig. 2.13). The pile-tunnel depth ratio sig-

nificantly affects pile bending and axial load/deformation, with the latter also being influenced

by pile working loads. Higher working loads, as expected, caused more severe pile settlements.

Fig. 2.13. Pile axial force and friction profiles with a working load of 3200 kN (Lee and Chiang,
2007)

Song and Marshall (2020) evaluated changes in pile stiffness and load capacities after nearby

tunnelling activities in dense sand in 80 g centrifuge tests. The authors reported an important

finding that the post-tunnelling pile-jacking responses were similar to the pile-jacking response

in greenfield scenarios, as shown in Fig. 2.14. This similarity was attributed to local soil con-

traction behaviours (especially near the tunnel) during tunnel volume loss in dense sand, which

countered the detrimental effects of stress relief induced by tunnelling.

Ng et al. (2014) investigated complex 3D scenarios of twin tunnelling near 2×2 pile groups

(connected to a cap) in dense sand in centrifuge tests (40 g). The adopted tunnel model included

five chambers when the water could be drained away from each chamber sequentially to achieve

3D tunnelling, with a maximum volume loss of Vl ,t = 1% for each segment. The tunnels were
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Fig. 2.14. Post-tunnelling (TPSI 2) and greenfield (Test PJ) pile-jacking responses: pile head
load versus (a) normalised settlement and (b) global stiffness (Song and Marshall, 2020)

Fig. 2.15. Settlement of pile group during twin tunnelling: (a) the first tunnel (i.e., tunnels S, T
and B); (b) the second tunnel (i.e., tunnels S, T and B) (Ng et al., 2014)

positioned on both sides of the pile group at the same levels (near the mid-depth of pile shaft,

Test SS; next to pile toe, Test TT; and below pile toe, Test BB) and were excavated one after

another. The most significant transverse tilting was observed after the excavation of the first

tunnel, attributed to a larger difference in soil stress release around the piles. Twin tunnelling

under piles (Test BB) caused the largest settlement of the pile group, as shown in Fig. 2.15,

resulting in an apparent loss of pile base capacity. Furthermore, Ng et al. (2015) and Soomro

et al. (2020) studied the impacts of construction positions and sequences of twin stacked tunnels



CHAPTER 2. LITERATURE REVIEW 28

on the load transfer mechanisms and movements of neighbouring pile groups. These findings

contribute valuable insights into the construction of twin tunnels in proximity to pile groups.

2.2.1.3 Responses of piled structures

Franza and Marshall (2018) performed 80 g centrifuge tests in loose dry fine silica sand (Id =
30%) to investigate tunnel-soil-pile-structure interactions, as illustrated in Fig. 2.16. A 90 mm

diameter tunnel model was buried with a cover-to-tunnel diameter of C /D t = 2. Aluminium

plates with varying thicknesses (representing structures using the equivalent beam approach)

were rigidly connected to seven aluminium alloy rods with a layer of sand bonded to the outer

surface (representing piles). A 38 mm gap (in model scale) existed between the plate and the

soil surface to replicate a piled structure rather than a piled-raft foundation. The results revealed

that pile foundations increased the potential for damage to flexible structures. The assumption

of fully flexible structures with self-weight in preliminary damage assessment procedures would

lead to overestimating structure deflection ratios and horizontal strains. However, an acceptable

and conservative estimate of maximum settlement was expected before reaching pile failure.

The authors also highlighted the dependence of structure settlements on the relationship be-

tween structure stiffness and weight, as well as the safety factor of the piles.

Simulation of superstructures using plates, however, still cannot provide highly accurate

data in tunnel-soil-pile-structure interaction scenarios due to the over-idealised simplifications

in accounting for building bending and shear stiffness during tunnel volume loss. To better

reproduce the response of buildings during tunnelling, Idinyang et al. (2019) developed a real-

time coupled centrifuge-numerical modelling (CCNM) testing method, where a framed building

was simulated in a numerical domain (e.g., Matlab or Abaqus), the tunnel-soil-pile system was

included in centrifuge model, and the real-time coupling of data between the numerical (i.e.

frame base) and centrifuge models (i.e. pile top) was achieved through a Labview data exchange

interface. This technique enables the redistribution of pile loads under the influence of frame

stiffness (in this case an elastic frame, without self-weight) in centrifuge testing.

Franza and Marshall (2019a) employed the CCNM method (mentioned above) to investigate

how framed buildings on pile foundations respond to tunnelling in loose sand (Id = 30%) within
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Fig. 2.16. Test layout (in model scale) of tunnelling beneath piled plate (Franza and Marshall,
2018)

a centrifuge setup at 60 g (see Fig. 2.17). The framed buildings, consisting of beam and column

elements of different square cross sections (0-0.72 m2 in prototype scale), were simulated in

the Matlab software through a simple and computationally efficient stiffness matrix method for

structural analysis (i.e. a first-order elastic analysis) based on the finite-element method. The

findings indicated that structural stiffness can effectively redistribute building loads among piles

and reduce the level of building deformation (which also depends on pile type, i.e. displacement

or non-displacement pile foundations). A limited relative reduction in the pile load during

tunnel volume loss could prevent geotechnical failure of piles directly above the tunnel. This

way, traditional tunnel-single pile analysis with constant head load conditions that neglects load

redistribution due to structure action may result in an overly conservative assessment of global

tunnel-piled structure interaction.

Song and Marshall (2020) also utilized the CCNM approach to examine tunnelling prox-

imity to piled structures in dense sand (Id = 90%) at 80 g, different from Franza and Marshall
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Fig. 2.17. Coupled centrifuge-numerical model: (a) diagram of the coupling loop and (b) de-
coupled geotechnical and structural domains (Franza and Marshall, 2019a)

(2019a) in employing an eccentric rigid boundary mechanical model tunnel (vs a flexible mem-

brane model tunnel), stepper motors for loading on piles (vs servo actuator apparatus and lever

system), and Abaqus simulations for framed buildings (vs Matlab simulation). Fibre Bragg grat-

ing (FBG) sensors were installed within the pile models (constructed with hollow aluminium

tubes) to measure loads along the pile axis. The pile load capacity was first tested (Fig. 2.18(a))

to serve as a baseline for subsequent tunnelling tests (Fig. 2.18(b)). For the pile nearest to the

tunnel, the pile head load was reduced due to the structure stiffness and the pile base resistance

diminished owing to tunnelling activities (Fig. 2.19). Excavation significantly impacted piles

situated close to the tunnel, while all piles were influenced by the structure stiffness.
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Fig. 2.18. Tunnel-pile interaction test configuration: jacking (left) and tunnelling (right) (Song
and Marshall, 2020)

Fig. 2.19. Changes in pile axial force after tunnelling (TPGI: tunnel-pile group interaction,
TPSI2: the second test of tunnel-pile-structure interaction) (Song and Marshall, 2020)
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2.2.2 Field studies

Kaalberg et al. (2005) conducted full-scale tests on representative timber and concrete piles at

the Second Heinenoordtunnel project, including two tunnels (tunnel outer diameter was 8.3 m,

tunnel centre to centre distance was 16.3 m, tunnel lining to lining distance was 8.3 m), to

furnish a benchmark for designing a new North-South metro line with piled-buildings in the

vicinity in Amsterdam. The tested strata comprised a 4 m layer of soft clay underlain by fine

sand. Pre-installed clay columns were constructed to reproduce similar geotechnical conditions

in Amsterdam, and the piles were subsequently driven within the pre-installed clay columns,

ensuring a reasonable reproduction of the ratio between pile base capacity and shaft friction.

The test layout is shown in Fig. 2.20.

Fig. 2.20. Overview test field with two tunnel tubes (the left tube is drilled first; grid dimension
is in mm; gray areas are loaded regions on pile foundations) (Kaalberg et al., 2005)

Selemetas (2006) carried out full-scale field trials to investigate the pile response to tun-

nelling in London Clay in the Channel Tunnel Rail Link (CTRL) project. The study involved

the excavation of two parallel tunnels, each with a diameter of 8.15 m. These tunnels were bored

at a depth of 19.5 m, using Earth Pressure Balance (EPB) shields with a spacing of 16 m. Four
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Fig. 2.21. Positions of piles and instrumentation in field trial (Selemetas, 2006)

Fig. 2.22. Comparison of tunnelling influence zones in terms of pile settlement and greenfield
surface settlements (Kaalberg et al., 2005; Selemetas, 2006), redrawn by Franza (2017)
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driven-cast-in-situ piles were embedded at different depths (8.5 m depth, pile base in Terrace

Gravels; 13 m depth, pile base in London Clay) and offsets from the tunnel longitudinal axis

(pile directly above the tunnel; 9 m away from the tunnel). The piles were subjected to loading

equivalent to half of their ultimate load capacity. The test layout is shown in Fig. 2.21.

Fig. 2.22 summarises the distribution of tunnelling-influence regions based on relationships

between pile and ground surface settlements in the studies by Kaalberg et al. (2005) and Se-

lemetas (2006). The delineation of influence areas exhibits similarities: when pile tips are

located in Zone A (approximately directly above the tunnel), Zone B (adjacent to Zone A), and

Zone C (further from the tunnel), the pile settlement is respectively greater than, similar to, and

smaller than the greenfield surface settlement. Results from centrifuge testing by Jacobsz et al.

(2004); Marshall and Mair (2011) align well with these distributions of tunnelling influence

areas. However, Dias and Bezuijen (2015) pointed out that factors beyond the relative position

of the tunnel and pile tip, such as pile working load, pile base load-to-shaft friction ratio, and

tunnel volume loss, also influence the division of regions and warrant consideration.

2.2.3 Capped piles

Capped piles, also known as hybrid foundations, combine the characteristics of both piles and

caps (i.e. beams or plates that are connected to pile heads, sometimes linking multiple piles,

which are designed to distribute building loads to piles but typically do not cover the entire base

of the buildings). Capped piles in which the caps are not in contact with the underlying soil are

typically used for offshore platforms (Li et al., 2017; Wang et al., 2023), while those with caps in

contact with the soil are employed to support structures such as buildings (Hussien et al., 2014;

Liu et al., 2021), viaducts (for highways or railways) (Yuan et al., 2021; Tawadros et al., 2022),

and embankments (Wang et al., 2018). Another somewhat similar foundation is the piled raft

foundation, where piles and rafts work together (i.e. rafts contact soil) to support significant

load and reduce differential settlement in buildings. Unlike the pile cap of capped piles, the

rafts of piled raft foundations can cover the entire base of the buildings and are generally larger.

In addition, because of the size of a piled raft, piles situated directly above a tunnel would

be less susceptible to large settlements from tunnelling which would be required to mobilise
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significant additional earth pressure beneath the foundation - the loads would get "shed" to

other piles within the raft in tunnelling scenarios. Although capped pile foundations and pile

raft foundations have different focuses, their basic working principles are similar, for example

assessing the load capacity and settlement response of a foundation composed of a single pile

and a single cap or raft that contacts the soil (Poulos, 2001).

Lee and Chung (2005) conducted a series model tests in sand at 1 g (Figure 2.23), where

piles were loaded vertically by a hydraulic jack at a constant rate of settlement of approxi-

mately 1 mm/min, to investigate the interaction among bearing components (i.e. pile and cap).

The study found that the pile load capacity could be increased due to the superimposed densi-

fication of soil between neighbouring piles at the narrow spacing up to 3dp compared with a

single pile in Figure 2.23(a), and wider spacings of 4-5dp further enhanced the pile capacity

through higher shaft friction. The pile capacity of capped piles was affected by pile location

and spacing; notably, pile capacity increased remarkably at narrow spacings of 2-3dp and then

decreased dramatically at wider spacings of 4-5dp . Additionally, the pile cap of capped piles

(Figure 2.23(e)) and single cap (Figure 2.23(c)) demonstrated similar mechanical behaviours,

which might be attributed to installation errors.

Horikoshi and Randolph (1996) performed centrifuge tests at 100 g to examine the be-

haviour of capped piles in clay, as shown in Figure 2.24. The capacity of capped piles was

significantly higher than uncapped piles due to the presence of a thin sand layer on top of the

clay, and the load capacity of piles was higher when capped than uncapped presumably due to

increased horizontal effective stress acting on the pile shaft. The authors reported that, for the

capped pile compromised of one cap and nine piles, the different settlement of the pile cap was

less than 30% of that of a single cap (or raft), and the piles were loaded to 70% of the capacity

under the ultimate foundation load.

Wang et al. (2023) conducted 50-g centrifuge tests (see Figure 2.25) and complementary

numerical modelling to investigate the influence of pile number, diameter, and loading height

on the lateral capacity of pile groups (with piles being connected by a cap) for offshore wind tur-

bines. The authors reported that the lateral capacity of pile groups was improved by increasing

pile number and diameter, whereas the increasing loading height would weaken the capacity.
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Fig. 2.23. Schematics of pile models: (a) single pile, (b) pile groups, (c) raft (cap), and (d)-(e)
capped pile (cap away from/contacting the surface) (Lee and Chung, 2005)

Fig. 2.24. General section of centrifuge package (Horikoshi and Randolph, 1996)

Leung et al. (2003) carried out 50-g centrifuge tests in dense sand to study the effect of

deep excavations on capped piles (including free-head and capped-head pile groups consisting

of two, four, and six piles), as illustrated in Figure 2.26. The results revealed that piles closer to

the retaining wall would mitigate the adverse effect of soil movements on piles situated farther

away. Pile caps would help to resist the soil lateral force by transferring the bending movement
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Fig. 2.25. Centrifuge test configuration of pile lateral response (Wang et al., 2023)

induced by soil movements from the closer piles to those further away.

Fig. 2.26. Schematic centrifuge model setup (unit in mm) (Leung et al., 2003)

Field and experimental studies on the capacities and load transfer mechanisms of capped

piles in tunnelling scenarios remain limited. As capped piles become more prevalent, it is

essential to incorporate the role of pile caps into risk assessments for new tunnels nearby, thus
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understanding the interactions between tunnels, soil, and capped piles is particularly important.

Specifically, investigating the behaviour of the capped piles consisting of a pile and a cap would

provide valuable insights, currently lacking, for analyzing more complex scenarios involving

tunnelling beneath or near pile groups connected through caps.

2.3 Tunnelling effects on buildings with shallow foundations

Tunnel excavation activities often disrupt adjacent soils, leading to ground movements that may

further induce surface building deformations and, in certain cases, structural damage. There-

fore, it is important to understand how buildings respond to the nearby tunnelling activities and

to employ appropriate approaches to forecast building deformation behaviours, which is helpful

in engineering design and maintenance and ultimately ensures the safety of both individuals and

property.

2.3.1 Building deformation and damage

Camós et al. (2014) reported the structural response of a group of masonry buildings subjected

to ground movements induced by the nearby construction of the L9 Metro tunnel in Barcelona,

bored by an earth pressure balance (EPB) tunnel boring machine (TBM). The studied one-

storey small dwellings represented a common building typology frequently used in those days

in Barcelona’s outskirts. The damage to the masonry buildings manifested in diagonal and

vertical cracks, originating from the corners of window and door openings and extending to the

exterior boundaries of the building (see Figure 2.27).

Farrell et al. (2014) carried out a series of geotechnical centrifuge modelling tests to inves-

tigate the interactions between tunnels and masonry buildings with fine dry Leighton Buzzard

Fraction E sand. Various simplified building models were employed, including aluminium

plates of different thicknesses (1.6 mm, 5 mm, 10 mm, and 20 mm, referred to as STR-1, STR-2

(see Figure 2.28), STR-3, and STR-4, respectively), as well as micro-concrete models and ma-

sonry models. Figure 2.29 presents the settlement profiles of the aluminium plates (STR-1-4,

located on the surface directly above the tunnel) and greenfield surface at a tunnel volume loss
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Fig. 2.27. Photographs of damage in buildings due to tunnelling (Camós et al., 2014)

of Vl ,t =2%. The results illustrate that the existence of buildings reduced the ground surface

differential movements, with stiffer buildings (i.e. thicker aluminium plates, such as STR-4)

exhibiting a more rigid response to tunnelling (characterised by the minimum deflection). Far-

rell et al. (2014) also reported that cracks occurred through the mortar in sagging zones at small

tunnel volume loss (Vl ,t ≈1.1-1.5%), while cracks appeared through both mortar and bricks in

hogging regions at larger tunnel volume loss (Vl ,t ≈4-5%) for the non-linear masonry building

models (Figure 2.30).

Fig. 2.28. Aluminium plate model with strain gauges (Farrell et al., 2014)

Ritter et al. (2017, 2020) reported a series of 75 g centrifuge test results of 3D printed build-

ing models on the surface when tunnelling in dry dense sand (Leighton Buzzard Fraction E silica

sand, with a relative density of Id =90%) with a cover-to-tunnel diameter ratio of C /D t = 1.35.

These building models, depicted in Figure 2.31, featured various tunnel eccentricity-to-building

length ratios (e/L), building length-to-height ratios (L/H), and opening percentages (O), with
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Fig. 2.29. Settlement profiles of the aluminium plate models (Farrell et al., 2014)

Fig. 2.30. Observed cracking of masonry model in centrifuge testing (Farrell et al., 2014)

powder-based 3D printing employed to create scaled-down structural models incorporating

building details such as façade openings, strip footings, rough soil-structure interfaces, and

intermediate walls at a scale of 1/75 of the prototype. Ritter et al. (2017) found the existence

of buildings altered ground deformation characteristics, such as widening the soil settlement

trough and restraining the horizontal surface displacement, consistent with the centrifuge test

results reported by Farrell et al. (2014) (Figure 2.29). Figure 2.32 illustrates the positions of

crack propagations within the buildings and the corresponding tunnel volume loss at the onset

of visible cracking. Similar patterns emerged, with cracks initiating at the top of the build-

ing models and vertically propagating toward the base. Buildings spanning both the greenfield

hogging and sagging regions with significant window openings (i.e., 40%) exhibited height-

ened susceptibility to cracking damage (Figure 2.32(f)). These results underscore, for buildings
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Fig. 2.31. 3D printed building model (dimensions in mm) (Ritter et al., 2017)

(b) e/L=0.8, L/H=2.2, O=20%(a) e/L=0, L/H=2.2, O=20%

(d) e/L=0.8, L/H=2.2, O=40%(c) e/L=0.5, L/H=2.2, O=20%

(f) e/L=0.5, L/H=2.9, O=40%(e) e/L=0.5, L/H=2.9, O=20%

Vl,t=14%

Vl,t=8% Vl,t=10.4%

Vl,t=5.5% Vl,t=2.6%

Vl,t= -

Fig. 2.32. Cracking positions (letters indicate order of crack propagation) and the tunnel volume
loss when visible cracking appears (Ritter et al., 2020)
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spanning both sagging and hogging regions, the importance of considering the effect of the

building sagging aspect when evaluating building damage in hogging regions during tunnelling

activities (because the widely accepted assessment framework divides buildings into individual

sagging and hogging parts that may lead to an underestimation of the hogging damage, despite

the sagging damage assessment being reasonable).

2.3.2 Global building damage assessment

Determining the levels of building damage is crucial for risk assessment. Yet, relying solely

on macroscopic qualitative or semi-quantitative descriptions of observable deformations, such

as building settlement and cracks, may fall short in accurately evaluating building damage.

The complex characteristics inherent in buildings (such as structural features, material prop-

erties) compound these challenges in defining and classifying damage levels. Consequently,

researchers have explored various building deformation parameters to more effectively assess

the severity of damage of buildings.

2.3.2.1 Sagging and hogging deformation parameters

According to the settlement troughs along the building base, the entire building can be char-

acterized into sagging and/or hogging zones, and the corresponding main parameters are as

follows (defined by Burland et al. (1977); see Figure 2.33):

• Settlement Sv indicates the vertical displacement of the building;

• Differential settlement ∆Sv represents the relative settlement between two points;

• Slope s denotes the slope of a straight line connecting two points;

• Relative deflection ∆ is determined by the maximum settlement concerning a straight line

connecting two points;

• Deflection ratio DR = ∆/L represents the ratio of the relative deflection between two

points ∆ and the corresponding initial (horizontal) distance (such as L);
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Sv,max

Sv,max

ΔSv,max

ΔSv,max

L

θ

smax

smax

Fig. 2.33. Building deformation parameters in (a) sagging and (b) hogging regions (Burland
et al., 1977; Franza, 2017)

• Tilt θ describes the rigid body rotation of the building;

• Angular distortion β is the rotation of a line joining two points relative to building tilt θ.

2.3.2.2 Empirical damage criteria

Polshin and Tokar (1957) adopted deflection ratio DR to evaluate the limit states before dam-

age within plain brick walls under different length-to-height ratios (L/H) and soil conditions.

Specifically, for walls with L/H ≤ 3, the criteria were DR < 0.0003 for sand and hard clay and

DR < 0.0004 for soft clay; for walls with L/H ≥ 5, the limits were DR < 0.0005 for sand and

hard clay and DR < 0.0007 for soft clay. The authors also suggested maximum slopes of 0.002

for steel and reinforced concrete frame structures in sand and hard/soft clays, and 0.007 and

0.001 for end rows of columns with brick cladding in sand/hard clay and soft clay, respectively.

While these empirical criteria offer a valuable framework for assessing building damage

levels, it is essential to recognize that they only consider the effect of building self-weight (Bur-

land and Wroth, 1974; Rankin, 1988). This limitation means that these empirical criteria might

not reliably predict building damage induced by tunnel excavations, as the dynamic conditions
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of tunnelling scenarios can vary significantly.

2.3.2.3 Tensile strain approaches

Tensile strains are considered for building risk assessment. Burland and Wroth (1974) and Pol-

shin and Tokar (1957) suggested the critical tensile strain range of 0.0005 and 0.00075 corre-

sponding to very slight damage, marked by the onset of visible cracking of buildings. Boscardin

and Cording (1989) extended this work by relating critical tensile strains to various degrees of

building damage, summarized in Table 2.1. Mair et al. (1996) also supported the important link

between tensile strains and potential damage categories, however, the authors pointed out that

none of the cases provided by Boscardin and Cording (1989) indicated that tensile strains of

≤ 0.003 would result in severe damage and suggested the tensile strain range of 0.0015-0.003

should represent moderate damage (category 3).

Table 2.1. Damage category and limiting tensile strain (after Boscardin and Cording (1989))

Category of damage Degree of severity Limiting tensile strain (%)
0 Negligible 0-0.05
1 Very slight 0.05-0.075
2 Slight 0.075-0.15

3-4 Moderate to severe 0.15-0.3
4-5 Severe to very severe > 0.3

Burland et al. (1977) simplified buildings as a simply supported beam with linear, elastic,

and weightless properties, and the possible modes of deformation and cracking are shown in

Figure 2.34. The authors related the maximum bending strain εb,max and diagonal strain εd ,max

to deflection ratio DR through the Timoshenko beam theory (Timoshenko, 1955), given as:

DR = L

12haxi s

(
1+ 18E I

L2HG

)
εb,max (2.19)

DR =
(
1+ L2HG

18E I

)
εd ,max (2.20)

where E is Young’s modulus, G is shear modulus, I is the second moment of area of the equiva-

lent beam, and haxi s is the location of the neutral axis. The neutral axis is typically assumed in

the middle of the ‘isotropic beam’ (i.e. haxi s = H/2), however Burland and Wroth (1974) and
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Burland et al. (1977) reported that, in brick wall model tests and field observations, it may be

more realistic to take the neutral axis at the foundation level (i.e. haxi s = H) due to the signifi-

cant restraint of raft foundations or in cases subjected to hogging with weak bending behaviours

compared with shear response (e.g. E/G = 0.5).

Fig. 2.34. Bending and shear deformation with cracks for idealised beam (Burland et al., 1977)

Macroscopic building deformation modes are closely related to the inherent damage mech-

anisms of the buildings. Figure 2.34 illustrates pure bending deformation of the building with

vertical cracks induced by direct tensile strains, and pure shear deformation of the building with

cracks in the diagonal direction induced by diagonal tensile strains. The predominant types of

deformation of buildings are related to building length-to-height ratio L/H , Young’s modulus-

to-shear modulus ratio E/G , and the positions of the neutral axis (Burland and Wroth, 1974;

Burland et al., 1977). Long buildings (with large L/H) are more prone to direct tensile strains,

whereas short buildings (with small L/H) are more susceptible to diagonal tensile strains. For

masonry buildings, E/G is typically equal to 2.6 (i.e. Possion’s ratio ν= 0.3) based on the as-

sumption of isotropic behaviour, and E/G should be increased to 12.5 or higher for buildings

with a low shear stiffness (such as masonry buildings with larger openings and framed build-

ings) to recognize anisotropic behaviour (Burland and Wroth, 1974; Cook, 1994; Mair et al.,

1996; Son and Cording, 2007).

Apart from the settlement-induced damage, horizontal ground strains due to tunnel con-
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structions may also contribute to potential building damage (Boscardin and Cording, 1989;

Mair et al., 1996; Geddes, 1991). The average horizontal strain is given by εh =∆L/L, thus the

critical tensile strain due to bending εcr i t ,b is given by the superposition of bending εb,max and

horizontal εh strains (Boscardin and Cording, 1989):

εcr i t ,b = εb,max +εh (2.21)

For the case of diagonal tension with horizontal extension, the tension strain εθ, at an angle θ

from the horizontal direction can be given:

εθ = εh cos2θ+2εd ,maxcos θ sin θ (2.22)

The maximum value of εθ (i.e. εcr i t ,d ), is given by:

εcr i t ,d = εθ,max = εh cos2θmax +2εd ,maxcos θmax sin θmax (2.23)

where θmax is the direction of crack formation and the angle of the plane where εcr i t ,d acts.

Son and Cording (2005) proposed substituting β for 2εd ,max and tan(2θmax) = β/εh . If β= 0,

εcr i t = εh acts on the vertical plane (θmax = 0) and vertical cracks form; if εh = 0, εcr i t ,d =β/2

acts on the plane at θmax = 45◦ and cracks develop following 45◦ planes. This is a semiem-

pirical criterion based on both strain theory and field observations. The critical tensile strains

corresponding to various degrees of damage based on data from field observations, physical

model tests, and numerical parametric studies are summarised in Figure 2.35.

Alternatively, Mair et al. (1996) reported the maximum diagonal strain εcr i t ,d using Mohr’s

circle of strain with a Poisson’s ratio of ν= 0.3 as follows:

εcr i t ,d = 0.35εh +
√

(0.65εh)2 +ε2
d (2.24)

Mair et al. (1996) proposed a procedure for preliminary risk assessment of buildings above

tunnels based on the assumptions of plane strain conditions, where the building-foundation

system is represented as an equivalent linear elastic beam and the building is divided into inde-
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Fig. 2.35. Building damage estimation criterion and damage levels from field observations,
physical model tests, and numerical parametric studies (Son and Cording, 2005)

pendent parts according to the greenfield sagging and hogging zones. This assessment method

consists of the following three steps (summarised in Figure 2.36):

1. In the initial assessment, the greenfield surface profile is fitted by a Gaussian curve. Cases

experiencing deformations with a maximum rotation greater than 1/500 or settlement over

10 mm are flagged as at risk and require the second risk assessment step. Tunnel-building

interactions are not considered in the first step and thus the results might be conservative.

2. For the buildings identified as at risk from the first step of assessment, the building base is

constrained to displace by imposing the greenfield surface settlement profile (i.e. a fitted

Gaussian curve) and the maximum tensile strain of the buildings (εmax = max(εcr i t ,b/d ))

can be calculated through Eqs. 2.21 and 2.24. Subsequently, damage levels are deter-

mined by comparisons between the maximum tensile strain εmax and the classification of

damage degrees of buildings in Table 2.1. If the resulting damage category is moderate or

higher (category ≥ 3), the third step is needed for further assessment. Again, the second

step might overestimate building damage levels due to the oversight of contributions from
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Fig. 2.36. Framework of building damage assessment (Mair et al., 1996; Franzius, 2003)

building stiffness and self-weight in reducing building deformation.

3. For the buildings with a risk level ≥ 3 from the second step of assessment, a more de-

tailed evaluation should be carried out considering the soil-structure interaction and 3D

geometries of structures and tunnels. This may result in a lower damage level compared

to step 2.

The evaluation results help guide decision-making regarding the necessity and extent of

protective measures required for buildings under the influence of tunnelling.

2.3.2.4 Modification factor methods

Potts and Addenbrooke (1997) introduced a modification factor method to establish a corre-

lation between the tunnelling-induced building deformations and the corresponding greenfield
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surface movement caused by tunnelling activities through a parametric study involving plane-

strain numerical analyses. Detailed parameters are shown in Figure 2.37, where the buildings

in hogging and sagging zones are presumed to be independent. The deflection ratio modifi-

cation factors in sagging and hogging regions (M DR,sag , M DR,hog ) are determined based on

the corresponding maximum deflection ratios of building settlement profiles (DRsag ,Bl d g =
∆sag ,Bl d g /Lsag ,Bl d g , DRhog ,Bl d g =∆hog ,Bl d g /Lhog ,Bl d g ) and greenfield surface settlement trough

(DRsag ,GF =∆sag ,GF /Lsag ,GF , DRhog ,GF =∆hog ,GF /Lhog ,GF ):

M DR,sag = DRsag ,Bl d g

DRsag ,GF

M DR,hog = DRhog ,Bl d g

DRhog ,GF

(2.25)

The spans of sagging/hogging zones of buildings were assumed to be equal to those of corre-

sponding greenfield surface conditions (Lsag ,Bl d g = Lsag ,GF , Lhog ,Bl d g = Lshog ,GF ) (Potts and

Addenbrooke, 1997; Goh and Mair, 2011; Mair, 2013). However, Franza et al. (2020b) sug-

gested using actual spans of buildings, as illustrated in Figure 2.37 to acquire a narrower or

more concentrated region of data in Eqs. 2.25 and 2.29.

A similar way of modification factors can be applied to the maximum horizontal tensile

and compressive strains of the buildings (Mεh,t , Mεh,c), calculated by the maximum horizon-

tal building strains (εh,t ,Bl d g , εh,c,Bl d g ) and the corresponding maximum horizontal greenfield

surface strains (εh,t ,GF , εh,c,GF ) (Potts and Addenbrooke, 1997):

Mεh,t = εh,t ,Bl d g

εh,t ,GF

Mεh,c = εh,c,Bl d g

εh,c,GF

(2.26)

To evaluate the impact of changes in building stiffness and soil stiffness during tunnelling on

building deformations, Potts and Addenbrooke (1997) defined relative structure-to-soil bending

stiffness ρ∗ and relative building-to-soil axial stiffness α∗:



CHAPTER 2. LITERATURE REVIEW 50

L/2

L

Lhog,GF Lsag,GF

iGF

Δhog,GF

Δsag,GF

Lhog,bldg Lsag,bldg

Fig. 2.37. Definition of sagging and hogging parameters in tunnel-building scenarios (Franza,
2017)

ρ∗ = E I

Es (L/2)4

α∗ = E A

Es (L/2)

(2.27)

where L is the building length, E I is the building bending stiffness, E A is the building axial

stiffness, and Es is the representative soil stiffness at a depth of zt /2 (zt is tunnel axis depth)

that is estimated by the soil secant stiffness at 0.01% axial strain in triaxial compression tests.

The relative bending stiffness ρ∗ has a dimension of m−1 and the relative axial stiffness α∗ is

dimensionless under plane strain conditions. The definitions of ρ∗ and α∗ are similar to those

adopted by Fraser and Wardle (1976); Boscardin and Cording (1989); Potts and Bond (1994).

Figure 2.38 illustrates an example of design curves regarding relative bending stiffness-

deflection ratio modification factor (ρ∗-M DR,sag /hog ) and relative axial stiffness-maximum hor-

izontal strain (α∗-Mεh,c/t ). These design curves can be used for modifying deflection ratio or

horizontal strain, thus serving for risk assessment (i.e. the second step in Figure 2.36).
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e/L 

e/L e/L 

e/L 

Fig. 2.38. Design curves for modification factors of (a) deflection ratio and (b) maximum
horizontal strain (Franzius et al., 2006)

Eq. 2.27 only considers the building transverse length L, however, the effects of other factors

such as tunnel depth zt and building longitudinal length l are overlooked. To address this

limitation, Franzius et al. (2006) extended Eq. 2.27 to obtain a more universal definition, given

as:

ρ∗
mod = E I

Es zt L2l

α∗
mod = E A

EsLl

(2.28)

where both ρ∗
mod and α∗

mod are dimensionless. Franzius et al. (2006) pointed out that the use

of L, which is more consistent with expressing the degree of eccentricity e/L, replacing L/2

has no implication for the relative position of the results to each other when plotting against a

logarithmic scale of relative stiffness.

To further generalise the design chart suggested by Franzius et al. (2006) and reduce level

of scatter, Farrell (2011) and Goh and Mair (2011) proposed the following modified equations

of relative bending stiffness:
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ρsag = E I

EsL3
sag l

= E I∗

EsL3
sag

ρhog = E I

EsL3
hog l

= E I∗

EsL3
hog

(2.29)

where E I∗ is the bending stiffness of the building per running metre (along the tunnel axis di-

rection), and Lsag and Lhog are the building lengths in sagging and hogging zones of greenfield

conditions, respectively. The tunnel depth zt is not considered in Eq. 2.29. The findings pre-

sented by Mair (2013) demonstrate a clear relationship between the relative bending stiffness

and the building deflection ratio modification factor (ρsag /hog -M DR,sag /hog ) for field cases, as

depicted in Figure 2.39. Notably, higher relative bending stiffness correlates with lower modi-

fication factors, whereas lower relative bending stiffness is associated with higher modification

factors. Based on these observations, Mair (2013) proposed envelopes to encapsulate these

data points (also applicable to centrifuge testing and numerical results (Potts and Addenbrooke,

1997; Franzius et al., 2006; Goh and Mair, 2011)).

Fig. 2.39. Field data of building deflection ratio modification factor-relative bending stiffness
(Mair, 2013)
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The assumption or simplification of buildings as pure bending beams might lead to problem-

atic results when ignoring the localised shear behaviours within the buildings induced by tunnel

excavations. To account for the effect of building shear behaviours, Pickhaver et al. (2010)

and Finno et al. (2005) suggested modelling buildings using equivalent Timoshenko beams and

laminated beams. Franza et al. (2020a) modified the calculation of the relative building-to-soil

bending stiffness (ρsag /hog in Eq. 2.29) considering building shear stiffness G As based on the

assumption of a simply supported Timoshenko beam, expressed as:

ηsag /hog = ρsag /hog

1+aFsag /hog
= E I∗

EsL3
sag /hog (1+aFsag /hog )

Fsag /hog = E I

L2
sag /hog ,GF G As

(2.30)

where aFsag /hog = δshear /δbendi ng is the ratio of shear deflection (δshear ) to bending deflec-

tion (δbendi ng ), Fsag /hog is dimensionless, and the coefficient a is determined solely by load-

ing conditions (a = 12 for a central concentrated load, a = 9.6 for a uniform load). In gen-

eral, Fsag /hog < 1/25 represents bending-dominated behaviour, Fsag /hog > 1 indicates shear-

dominated behaviour, and 1/25 < Fsag /hog < 1 signifies mixed bending and shear responses.

To enhance the applicability of the E I∗ to describe tunnelling-induced deformations of

buildings with raft and strip foundations, Franza et al. (2020b) suggested:

E I∗ = E I

χl
(2.31)

where χ is the ratio of the foundation bottom area to the wall bottom area, χ= 1 for raft foun-

dations and χ< 1 for strip foundations.

2.3.3 Localised building damage assessment

Unlike the global building damage assessments, which primarily consider the bending deforma-

tions of the entire building during tunnel excavation activities, local evaluation methods focus

on assessing damage in specific areas of the building, placing particular emphasis on the effects



CHAPTER 2. LITERATURE REVIEW 54

of local shear behaviours within buildings.

2.3.3.1 Bay deformation parameters

Buildings can be subdivided into bays (i.e. building units) according to their structural charac-

teristics for localised assessments (refer to Figure 2.42(a)-(b)). Figure 2.40 presents a building

unit with the horizontal Sh and vertical Sv displacements of the corners, the height H , and

the length Lu . Based on this information, the following bay deformation parameters can be

calculated (Son and Cording, 2005; Ritter et al., 2020):

Fig. 2.40. Building bay deformation parameters (Ritter et al., 2020)

• Base horizontal strain εh,base =
(
Sh,B −Sh,A

)
/Lu;

• Top horizontal strain εh,top = (
Sh,C −Sh,D

)
/Lu;

• Slope s = (
Sv,A −Sv,B

)
/Lu;

• Tilt θ = (
(Sh,A −Sh,D )− (Sh,B −Sh,C )

)
/(2H);

• Angular distortion β= s −θ.

Ritter et al. (2020) suggested this calculation approach can be applied for estimating both en-

tire buildings (using the displacements of the corner points) and localised building units. How-

ever, applying this approach to entire structures might oversimplify complex local behaviours

(which may be problematic), despite its potential for more suitable application in localised ar-

chitectural contexts.
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Skempton and MacDonald (1956) utilized angular distortion β (with an assumption of no

tilt of bays, i.e. θ = 0, thus β = s in Figure 2.40(c)) to assess the extent of building damage.

The authors summarised data from ninety-eight buildings (among which fifty-eight suffered

no damage and forty were damaged) and proposed the threshold values indicative of building

damage: cracking happens in walls and partitions when β> 1/300, particularly sensitive brick

structures experience cracking when β > 1/1000, and structural damage is evident when β >
1/150.

Cook (1994) introduced a method to distinguish tilt, bending, and shear displacements and

deformations of a building unit based on the total vertical displacement Sv,tot = (Sv,A −Sv,B ).

Figure 2.41 presents the sign convention and tilt and bending deformation, and the calculations

are as follows:

Fig. 2.41. Building deformations: (a) reference condition; and (b) tilt and bending deformations
(Cook, 1994; Ritter et al., 2020)

• Tilt displacement Sv,t i l t =ω2Lu;

• Bending displacement Sv,bend =χL2
u/2 = (ω1 −ω2)Lu/2, where χ is average curvature;

• Shear displacement Sv,shear = Sv,tot −Sv,t i l t −Sv,bend ;

• Shear strain γ= Sv,shear /Lu = s − (ω1 +ω2)/2, note that γ equals angular distortion β.

Ritter et al. (2020) distinguished bay bending and shear deflections in centrifuge modelling

tests. The results, depicted in Figure 2.42, revealed that the greater building transverse length

increases the bending deflections, with minimal impact on shear deflections, and larger opening

areas tend to increase the building shear deflections rather than bending deflections.
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Fig. 2.42. Effect of length-to-height and opening percentage on bending and shear settlements
(Ritter et al., 2020)

Boone (1996) and Elkayam and Klar (2019) also looked at distinguishing the panel distor-

tions. For example, Elkayam and Klar (2019) described the in-plane horizontal and vertical

displacements of a building unit, excluding bending, as follows:

δx = Sh,A + (
Sh,B −Sh,A

) x

Lu
+ (

Sh,D −Sh,A
) y

H
+ (

Sh,A −Sh,B +Sh,C −Sh,D
) x y

Lu H

δy = Sv,A + (
Sv,B −Sv,A

) x

Lu
+ (

Sv,D −Sv,A
) y

H
+ (

Sv,A −Sv,B +Sv,C −Sv,D
) x y

Lu H

(2.32)
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where δx and δy are the in-plane displacements, and Sh,i and Sv,i are the horizontal and vertical

displacements at the four corners (i = A, B, C and D) of a building unit. The horizontal εxx ,

vertical εy y , and diagonal εx y strains can be estimated using these displacements:

εxx = ∂δx

∂x
=

(
Sh,B −Sh,A

)
Lu

+ (
Sh,A −Sh,B +Sh,C −Sh,D

) y

Lu H

εy y =
∂δy

∂y
=

(
Sv,D −Sv,A

)
H

+ (
Sv,A −Sv,B +Sv,C −Sv,D

) x

Lu H

εx y = ∂δx

2∂y
+ ∂δy

2∂x
=

(
Sv,B −Sv,A

)
2Lu

+ (
Sv,A −Sv,B +Sv,C −Sv,D

) y

2Lu H

+
(
Sh,D −Sh,A

)
2H

+ (
Sh,A −Sh,B +Sh,C −Sh,D

) x

2Lu H

(2.33)

Thus, the maximum principal in-plane strain can be evaluated by:

εmax = εy y +εxx

2
+

√
1

4

(
εy y −εxx

)2 +ε2
x y (2.34)

2.3.3.2 Modification factor methods

Son and Cording (2005) reported the relationship between normalised angular distortion β/∆GS

(i.e., the ratio of the building angular distortion β to the changes in corresponding greenfield

settlement slope ∆GS) and the relative soil-to-structure shear stiffness EsL/G Hl (l is b in Fig-

ure 2.43). The effective cross-section area of the wall was assumed to be equal to the wall

height multiplied by the thickness (As = Hl ), which means the shear stiffness of walls with

openings G Hl would be overestimated. Son and Cording (2005) summarised results from a

series of field observations, physical model tests, and numerical model parametric studies, as

well as results from elastic analysis, in Figure 2.43. It was observed that the normalised an-

gular distortion typically increases with the relative soil-to-structure shear stiffness, indicating

that building distortion more closely matches ground movement when building shear stiffness

decreases. The slopes of the β/∆GS - EsL/G Hl curves are small when there are few cracks or

cracking, while significant normalised angular distortion occurs when large cracks develop due

to decreased building shear stiffness.
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Fig. 2.43. Relationship between normalised angular distortion and relative soil-structure stiff-
ness (Son and Cording, 2005)

Xu et al. (2020b) modified the β/∆GS-EsL/G Hl approach, adopting angular distortion

modification factor Mβ (i.e. the maximum bay angular distortion βmax normalised the max-

imum average slope of from the greenfield settlement curve GSmax ; Eq. 2.35) and relative

soil-to-structure shear stiffness κ (with more effective building cross-section area As ; Eq. 2.36).

In Xu et al. (2020b), the possible average slope was obtained using a line of length equal to the

building bay length (Lu) moved along the greenfield settlement curve; the maximum average

slope obtained was referred to as GSmax . The data reported by Xu et al. (2020b) in Figure 2.44

is roughly consistent with the findings of Son and Cording (2005) (Figure 2.43), even though

the acquisition of GSmax is different.

Mβ = βmax

GSmax

(2.35)

κ= EsLul

G As
= EsLu

G A∗
s

(2.36)

where G A∗
s is the shear stiffness of the building per metre in the tunnel axial direction.
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Fig. 2.44. Angular distortion modification factor against relative soil-to-structure shear stiffness
(numbers beneath markers indicate percentage of tunnel volume loss, Vl ,t ) (Xu et al., 2020b)

Franza et al. (2022) adopted a different approach for normalisation within Mβ by using the

maximum of average slope values calculated from a line of length equal to the building bay

length Lu connected to points on the greenfield settlement curve corresponding to the build-

ing bay corners, denoted as sGF,max = ∆Sv,GF,max/Lu; in this approach βmax is normalised by

sGF,max . It can be argued that this approach, compared with Xu et al. (2020b), is more rational

since values of βmax are normalised against a greenfield slope parameter that is more relevant

to the building being evaluated:

Mβ = βmax

sGF,max
(2.37)

2.3.4 Building stiffness evaluation

The stiffness of buildings is crucial in tunnel-soil-building interaction scenarios as it directly

impacts building deformation and damage levels. Thus, the accuracy of building stiffness deter-

mines the credibility of the results obtained through modification factor methods in both global

and local assessments of building risk. Due to the complex structural characteristics and mate-

rial properties involved, it is challenging yet essential to evaluate building stiffness in different

aspects (including bending, shear, and axial stiffness). The following outlines several calcu-
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lation methods for framed buildings and masonry buildings, noting that framed buildings are

generally more flexible compared to masonry buildings thus the suitability of these methods

must be carefully assessed depending on the structural characteristics.

Potts and Addenbrooke (1997) calculated the overall structure axial E A and bending stiff-

ness E I using the parallel axis theorem, with an assumption that the equations for the axial and

bending stiffness of a structure with n storeys comprise entirely of n +1 slabs:

E A = (n +1)E Asl ab (2.38)

E I = E
n+1∑

1

(
Isl ab + Asl abb2) (2.39)

where Asl ab is the cross-sectional area of each slab, Isl ab is the second moment of area of each

slab, and b is the vertical distance between the structure’s neutral axis and the slab’s neutral axis.

Potts and Addenbrooke (1997) acknowledged this would overestimate the building stiffness.

Mair and Taylor (2001) directly used the algebraic sum of the individual bending stiffness of

all floor slabs E Isl ab to evaluate the entire bending stiffness of a 10-storey reinforced concrete

frame structure with two basement levels, the Elizabeth House, given as:

E I = E
∑

(Isl ab) (2.40)

Meyerhof (1953) obtained an approximate estimate of the flexural rigidity of a rigidly

framed structure, involving an open multi-storey frame with approximately equal bays and de-

flecting into the shape of a trough with a maximum central deflection and with similar curvature

at each floor level. The author reported that columns increased the flexural rigidity of the entire

frame (beam model) with a column stiffening factor, assuming points of contra-flexure in the

columns at the mid-storey height and solving the structural analysis equations. Based on the

work by Meyerhof (1953), Goh and Mair (2014) proposed a column stiffening factor C using

slope deflection equations and rewrote the frame bending stiffness (from Eq. 2.40) considering

the column contributions, given as:
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E I =C E
∑

(Isl ab)

C =
[

1+
(

Lsag /hog

Lu

)2 (
KLC +KUC

KLC +KUC +KB

)] (2.41)

where KLC = (E I /Hstor e y )LC , KUC = (E I /Hstor e y )UC , and KB = (E I /Lu)B are the average stiff-

ness of the lower column, the upper column, and the beam line, respectively.

These evaluation approaches for building stiffness mentioned above, however, lack the abil-

ity to distinguish between shear and bending stiffness. Son and Cording (2005) suggested

carrying out separate pure bending and shear tests subjected to the given bending moment M

and shear force τA in numerical models to acquire the shear and bending stiffness of masonry

walls (see Figure 2.45).

Fig. 2.45. Estimation of building bending and shear stiffness (Son and Cording, 2005)

For framed buildings with infill shear walls, Finno et al. (2005) adopted a laminate beam

(Figure 2.46) to represent a multi-storey building and estimate the building shear stiffness with

an assumption that the infill wall provides shear resistance and the floor offers bending dis-
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tortion. As shown in Figure 2.46, the laminate beam includes layers of plates (representing

floors) and layers of core material (representing walls). Assuming the infill walls are compliant

or not designed to function as shear walls, the stiffness of columns can significantly influence

the shear stiffness of each floor level, especially if they feature moment-resisting connections

at both ends. In this scenario, it is assumed that the columns are fixed at both the top and

bottom, which may slightly overestimate their stiffening effect. The stiffness of each column

G As,column is as follows:

G As,column = 12Ec Ic

y2
i

(2.42)

where As,column is the efective shear area of the column, Ec is Young’s modulus of the column,

Ic is the second moment of inertia of the column in the plane of the wall, and yi is storey height.

Since column ends experience small rotation, the factor of 12 may be reduced as much as 25%.

The stiffness of each column in the section that is being analyzed should be summed and added

to the wall stiffness of each floor level, and thus the total shear stiffness of each floor G As,i is

given by the sum of the column (G As,column) and wall (G As,w all ) stiffness:

G As,i =
∑(

G As,column +G As,w all (1−O)
)

(2.43)

where O is the percentage opening in a wall. Finally, the equivalent shear stiffness G As of the

laminate beam representing the entire structure is determined by:

G As = 1∑n
i=1

yi
H

Vi
V

1
G As,i

(2.44)

where H is the building height, and Vi and V are the shear force of a storey and the entire beam,

respectively.

Pickhaver et al. (2010) proposed a similar strip method to determine the equivalent bending

and shear stiffness of masonry walls (especially the effective second moment of area I and

shear area As) for in-plane bending using Timoshenko beam theory. For the estimation of I , the

facade is divided into a set of imaginary horizontal strips (Figure 2.47(a)), and the equivalent

second moment of area of the building I is given by the sum of the equivalent second moment
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Fig. 2.46. Laminate beam representing structure (Finno et al., 2005)

of area contributed by each strip I j :

I j =
lh3

j

12
+ lh j b3

j (2.45)

I =∑
I j (2.46)

where l is the wall thickness, h j = a j /L represents effective strip height, and b j is the distance

from the mid-point of the strip to the neutral axis. The location of the neutral axis depends on

the boundary conditions of the building base, i.e. at the centroid of the building cross-section for

a smooth-based building (neglecting the effect of any openings that may be present); coinciding

with the ground surface for a rough-based building.

To determine As , the facade is segmented into a series of imaginary vertical strips (Fig-

ure 2.47(b)), and the equivalent cross-sectional area of the building (in the y–z plane, where

z-axis is perpendicular to the x-y plane) is computed by assuming that the building compliance

is given by the sum of the compliances of these vertical strips (Pickhaver et al., 2010), expressed

as:

L

As
=∑ Li

Ai
(2.47)
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(a)

(b)
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Fig. 2.47. Assessment of equivalent area (a) second moment of area and (b) shear area (Pick-
haver et al., 2010)

where Li the strip length (in x direction) and Ai the effective cross-sectional area of each vertical

strip.

Pickhaver et al. (2010) summarised a large number of numerical modelling results and sug-

gested that bending E I and shear stiffness G As should be multiplied by a coefficient (L/H)/3

for short buildings with a length-to-height ratio of L/H < 3 to avoid over-stiff responses.

Moreover, the overall bending and shear stiffness of the entire building, assuming it behaves

like a Timoshenko beam, can be estimated by analysing the relationships between maximum

deflections (δbendi ng , δshear ) and loads (Ft ) in three-point, four-point, and cantilever beam

loading tests (Figure 2.48) using Eqs. 2.48-2.50:
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Three-point loading (Figure 2.48(a)):

δtot = δshear +δbendi ng = Ft L

4G As
+ Ft L3

48E I

δshear

δbendi ng
= 12E I

L2G As
= 12Fsb

(2.48)

Four-point loading (Figure 2.48(b)):

δtot = δshear +δbendi ng = Ft Ll

G As
+ Ft Ll (3L2 −4L2

l )

24E I

δshear

δbendi ng
= 24E I

(3L2 −4L2
l )G As

= 24L2

3L2 −4L2
l

Fsb

(2.49)

Cantilever beam testing (Figure 2.48(c)):

δtot = δshear +δbendi ng = Ft L

G As
+ Ft L3

3E I

δshear

δbendi ng
= 3E I

L2G As
= 3Fsb

(2.50)

where Fsb = E I /(L2G As) is a constant.

2.4 Summary and research gap

Tunnelling in greenfield conditions has received considerable attention in the research commu-

nity, with empirical methods being proposed to describe or predict ground movements in field

conditions and geotechnical centrifuge tests. Compared to clays, tunnelling in sand requires

special attention due to the impact of volumetric changes in the sand on ground movements.

The reviewed studies on tunnelling in sands focus on the transverse settlement and the influ-

ence factors including tunnel volume loss, cover-to-tunnel diameter ratio, soil relative density.

The contraction mechanisms of different tunnel models (for example, the eccentric flexible

membrane (eFM) tunnel model (Marshall et al., 2012) and the eccentric rigid boundary me-

chanical (eRBM) tunnel model (Song and Marshall, 2020)) in centrifuge tests also affect results
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Fig. 2.48. Configuration of (a) three-point, (b) four-point, and (c) cantilever loading tests (Xu
et al., 2020b)

and need careful assessment. The findings from studies on greenfield tunnelling provide a valu-

able reference for risk assessments of designing new tunnels near existing infrastructure such

as piles and surface buildings.

Studies on tunnel-soil-pile interactions (TSPI) are crucial for understanding tunnelling ef-

fects on piles. Researchers attempted to divide the influencing zones of tunnelling (in relation

to the location of the pile tips) based on field and centrifuge test data, and the influence zone

patterns indicate that tunnelling has a diminishing effect on piles at greater distances from the

tunnel. However, TSPI problems are quite complex due to various factors, such as soil types,

pile installation methods (displacement piles, non-displacement piles), pile working loads (or

safety factor), load distribution along the piles (potentially influenced by pile cap, rigid con-

nection to other piles), tunnel volume loss, and issues related to force sensors. Among these,

the influence of pile caps on load transfer mechanisms of piles affected by tunnelling lacks

comprehensive studies, which will be part of this work.

Tunnelling may induce superstructure deformation or damage due to tunnel-soil-building

interactions (TSBI), which is essential to quantitatively evaluate to avoid or mitigate risks. Em-

pirical formulas and centrifuge modelling tend to simplify buildings as beams or slabs primarily
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subjected to bending deformations for parametric studies. This might lead to inaccurate esti-

mations or predictions of building deformations that are also affected by shear stiffness (im-

pacted by nonlinear building materials and structural characteristics such as openings). Some

3D building models adopted in centrifuge tests offer better structural details than beam mod-

els, yet the building mechanical behaviours are still limited by model materials and sizes. The

coupled centrifuge-numerical modelling (CCNM) (Idinyang et al., 2019) method provides a re-

liable approach, where framed buildings are modelled in a numerical domain during centrifuge

tests. However, there has been little to no work on CCNM for strip foundations (representing

a continuous interface) and masonry buildings, which make up a large proportion of buildings

in many cities around the world. As one objective of this work, developing a new powerful

CCNM approach will improve human knowledge in tunnelling under masonry buildings with

shallow strip foundations.



Chapter 3

Methodology and experimental setup

This chapter introduces the experimental setup, preparation, and procedures, including two cen-

trifuge testing packages: tunnel-soil-pile interactions (TSPI) and tunnel-soil-masonry building

interactions (TSBI) with shallow strip foundations.

First, the geotechnical centrifuge modelling technique, universal experimental package (for

greenfield tunnelling), and detailed testing configurations for TSPI are provided. The general

centrifuge testing package developed by Song (2019) was adopted for these tests. This group

of tests involves capped and uncapped non-displacement piles with and without soft bases.

Subsequently, this chapter provides the development of an advanced coupled centrifuge-

numerical modelling (CCNM) approach for shallow strip foundations (Tang et al., 2024c),

which is used to study the TSBI mechanisms, followed by introducing detailed configurations

for TSBI tests. This group of tests involves the validation of the new CCNM method and the

effects of building positions and inherent characteristics on TSBI scenarios.

68
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3.1 Geotechnical centrifuge modelling technique

A thorough grasp of the complex soil-structure interactions induced by tunnel excavations is vi-

tal for engineering designs. Field tests and on-site monitoring are capable of providing valuable

data on soil and structure responses, however their practical application is constrained by high

costs and limited data range from the existing assets. Numerical modelling methods rely heav-

ily on realistic field or experimental data to validate the accuracy and precision of the results.

Taking these factors into consideration, the geotechnical centrifuge testing technique offers a

useful approach for investigating the tunnel-soil-foundation-building interactions through the

use of small-scale (1/N ) physical models subjected to N times Earth’s gravity (Ng), enabling

replication of full (prototype) scale scenarios with realistic stress levels.

3.1.1 Scaling principle of centrifuge simulation

When the centrifuge spins up, the centripetal acceleration Ng induces stress conditions in the

scaled-down centrifuge model that closely replicate those of a prototype-scale scenario. The

scaling coefficient N can be determined using Eq. 3.1:

N g =ω2Re (3.1)

where ω is the rotational velocity of the centrifuge and Re is the effective radius from the

centrifuge model to the centrifuge rotation axis. Note that due to the non-negligible size of

the centrifuge model, the distances from the specific local regions within the centrifuge model

to the centrifuge rotation axis are not identical, and consequently different local regions of the

centrifuge model experience different g-levels. Taylor (1995a) provided Eq. 3.2 to calculate the

effective radius Re for the areas of interest (e.g., the soil within a strong box):

Re = Rt +hm/3 (3.2)

where Rt is the distance from the top of the area of interest (e.g., soil surface) to the centre of

the centrifuge rotation axis and hm is the height of the area of interest (e.g., soil height).
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The scaling factor between the parameters in the small-scale centrifuge model and the cor-

responding full-scale prototype scenario are summarised in Table 3.1.

Table 3.1. Centrifuge scaling laws (Taylor, 1995a)

Parameter Metric unit Model scale Prototype scale

Gravity m/s2 N 1
Length m 1 N
Area m2 1 N 2

Volume m3 1 N 3

Force N = kgm/s2 1 N 2

Density kg/m3 1 1
Stress Pa = N/m2 = kg/

(
ms2

)
1 1

Strain - 1 1
Axial Stiffness (EA) N 1 N 2

Bending stiffness (EI) Nm2 1 N 4

3.1.2 Influence factors of centrifuge modelling

Compared to prototype-scale scenarios, centrifuge tests using small-scale models have three

important factors which should be considered: stress magnitude (i.e. g-levels at different depths,

as mentioned above), size effects, and boundary effects. These potential effects in all tests of

this study are the same due to the identical test configurations, thus they would not affect the

comparison of the results.

In centrifuge modelling tests, the soil used is typically the same as in the prototype scenarios

to ensure consistent soil properties (such as Young’s modulus and particle-scale characteristics).

This raises awareness of the effect of soil particle size (characterised by the average size of soil

particle D50) without complying with the scaling rules in Table 3.1 since the ratios of model

structure sizes to soil particle diameter (D50) have altered. Kutter et al. (1994) performed a

series of centrifuge tests to observe the sand collapse behaviours into cavities and reported that

the soil particle size effect would reduce after the ratio of cavity diameter to average soil grain

size exceeded 350. Marshall (2009) suggested the limit ratio should be 500 to minimise the

grain size effect considering the contraction and dilation behaviours of sands under drained

conditions. Bolton et al. (1999) reported that the cone resistance would not be affected when
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the ratio of cone diameter to average soil particle size exceeded 28 in cone penetration tests

with fine Leighton Buzzard sand. Toyosawa et al. (2013) suggested surface model footing-to-

average soil particle diameter ratio being over 50. In this study, the ratios of tunnel diameter

(D t =90 mm), pile diameter (dp =12.6 mm), and minimum strip foundation size (32 mm), to

average sand particle diameter (D50 =0.14 mm) are D t /D50 =643 (> 500), dp /D50 =90 (> 28),

and 229 (> 50), respectively, indicating negligible size effects.

Marshall et al. (2009) reported that the friction along the inner surface of the transparent

front acrylic wall of the strongbox would not obviously affect the soil movements based on a

comparison between soil settlements at the box boundaries and within the centre of the box.

Zhou (2015) also demonstrated that the discrepancy between settlements at the boundaries and

those from the middle of the strongbox width (specifically, 130 mm from the front/back walls)

was below 10% in centrifuge tests for dense sand (Id = 90%). These results provide reassurance

regarding the attainment of plane-strain conditions in this study. Bolton et al. (1999) suggested

that the distance from cone to the wall boundary should be at least 10 times the cone diameter

to minimize the boundary effect on cone resistance. In this study, the ratio of the minimum

distance from the pile shaft to the wall boundary (75 mm) to the pile diameter (dp =12.6 mm) is

6 (< 10; see Fig. 3.1), which may result in a slight overestimation of the results for TSPI tests.

For TSBI tests, where the strip foundation model is placed in close proximity to the acrylic

wall, the ground movements near the surface level in particle image velocimetry (PIV) analysis

would be affected (discussed later).

3.2 Universal experimental package (for greenfield tunnelling)

3.2.1 Centrifuge

Experiments were conducted at a nominal centrifuge acceleration of Ng on the 2 m radius,

50 g-tonne geotechnical centrifuge of the University of Nottingham Centre for Geomechanics

(NCG), as shown in Fig. 3.2. At the effective radius of 1.7 m, the centrifuge is capable of car-

rying a maximum payload of 500 kg under 100 g, and it can achieve a maximum acceleration

of 150 g with a payload of 333 kg. The swing cradle at one end of the beam can support a pay-
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Wall boundary-to-cone distance ratio

6

Fig. 3.1. Boundary effect in centrifuge cone penetration tests (where Z is the model penetration
depth normalised by cone diameter; Bolton et al. (1999))

load of 200-500 kg, which is counterbalanced by a counterweight located at the other end of the

beam. Additionally, the centrifuge is equipped with oil containers in the beam to automatically

adjust the unbalanced force at both ends, maintaining it within 30 kN. The Data Acquisition

System (DAS) cabinet houses a network switch and a Fiber Bragg Grating (FBG) interrogator,

which are connected to and remotely controlled from the centrifuge control room (Zhou, 2015).

3.2.2 Strongbox

The centrifuge model strong box consists of an aluminium U-channel, a transparent acrylic

front wall, and a back aluminium wall. The interior length × width × height dimensions of

the strongbox are 700 mm × 150 mm × 500 mm, respectively (refer to Figs. 3.11-3.12). Sub-

surface images through the acrylic wall were taken using two Dalsa Genie Nano-M4020 12.4

megapixel cameras with monochromatic amber LED light strips; subsurface soil displacements

in the greenfield (GF) tunnelling test were measured using GeoPIV-RG (Stanier et al., 2016).

The GeoPIV-RG technique enables the conversion of pixel space coordinates of the mea-

sured object into object space coordinates using a series of photographs. The object space
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Fig. 3.2. Structure diagram of geotechnical centrifuge (Ellis et al., 2006)

coordinates were calibrated through specific reference points painted on the inner surface of

the acrylic wall. The precision of the GeoPIV-RG technique was evaluated by Song (2019),

who reported a standard deviation of 4.6µm in horizontal displacement and 6.4µm in vertical

displacement. This suggests that the vertical data is more influenced by the tunnel model during

centrifuge spinning, which aligns with the findings of Marshall and Mair (2011).

3.2.3 Soil

A uniform dry fine silica sand known as Leighton Buzzard Fraction E was adopted in this

study, with a typical average diameter D50 of 0.14 mm, a uniformity coefficient Uc of 1.58, a

specific gravity Gs of 2.65, and maximum emax and minimum emi n void ratios of 1.01 and

0.61, respectively (Lanzano et al., 2016). The dense sand with a relative density Id = 90% was

adopted for all centrifuge tests. To prepare uniform sand for the tests, the strongbox was placed
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with its acrylic wall facing downwards, a temporary plate was fixed at the target soil surface, the

tunnel was fixed vertically, and sand was poured in the direction of the tunnel longitudinal axis

from the hopper of the NCG automatic sand pourer to achieve a relative density Id = 90%±3%.

This model preparation method (pouring in-line with the tunnel axis; consistent, for example,

with Jacobsz et al. (2004); Vorster et al. (2005a)) avoids “shadowing” issues which would occur

if the sand was poured with the box in its upright position and which would cause non-uniform

sand density around the tunnel.

Fig. 3.3 shows the NCG automatic sand pourer. Three stepper motors enable manual control

or pre-set movement of the hopper in 3 axes. A laser sand level sensor is installed on the side

of the hopper to check whether there is enough sand within the hopper, and another laser sensor

installed below the hopper is used to monitor the vertical distance from the hopper to the sand

surface within the strongbox, allowing automatic control of the height of sand pouring. A nozzle

connected beneath the hopper contains an pneumatic pinch valve and houses plates containing a

number of apertures of a specific size (4-6 mm) to control the flow rate, as well as two layers of

sieves positioned below the nozzle (the lower sieve was positioned 0.8-1 m above the surface of

the sand samples) to distribute the pluviated sand. Two schemes were adopted (because the sand

pourer was modified during the study): one 6 mm aperture with the lower sieve at 1 m height

for the tests of tunnelling under piles; and three 4 mm apertures with the lower sieve at 0.8 m

height for the tests of tunnelling masonry buildings. This study employed a horizontal speed of

20 mm/s and a vertical speed of 3 mm/s. The sand pourer is within a dedicated enclosed room

with a dust extractor to eliminate/reduce operator exposure to dust particles.

3.2.4 Tunnel

A 90 mm diameter (D t ) eccentric rigid boundary mechanical model tunnel developed by Song

and Marshall (2020) provides uniform ground loss across the width of the strongbox, with a

maximum tunnel volume loss of 3.5%. The central axis of the tunnel comprises a bidirec-

tional screw shaft, which is driven by a stepper motor equipped with a 10:1 ratio gearbox.

This arrangement enables the movement of five tunnel segments towards the tunnel centreline,

resulting in a contraction of the overall volume. It is worth noting that the segment located
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Fig. 3.3. Sand pourer at NCG

at the tunnel invert remains unchanged throughout this process. Each incremental tunnel vol-

ume loss is equivalent to 0.1125% and corresponds to a horizontal displacement of 0.625 mm

for each hexagonal wedge-shaped shaft, which is measured by a Linear Variable Differential

Transformer (LVDT) positioned in front of the model tunnel (refer to Figs. 3.11-3.12).

3.3 Centrifuge modelling of tunnel-soil-pile interactions

3.3.1 Test configuration

Experiments were conducted at 60 g. A greenfield test, seven foundation loading tests, and

eight tests of tunnelling directly beneath a single foundation (either raft only, uncapped pile,

or capped pile) were conducted. Fig. 3.4(a) shows the general layout of tests while Fig. 3.4(b)

sketches the five types of tested foundations: namely, raft, uncapped reference pile, capped

pile, uncapped friction pile, capped friction pile. All piles were either pushed or buried in the

sand during model preparation at 1 g and can therefore be considered as ‘wished in place’ piles.
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Whilst not completely representative of bored piles (which, depending on installation method,

will have some installation effects), the tests presented here should be considered to be more

reflective of a bored pile condition than a driven pile.
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Fig. 3.4. Illustration of (a) layout of capped friction pile in tunnelling test and (b) foundation
types

3.3.2 Pile models

A thin layer of sand was bonded to all foundation surfaces in contact with the soil to achieve a

‘rough’ interface, except for the additional aluminium piece added to the pile base to create the

friction piles (see magnified view at bottom-left of Fig. 3.4); all stated pile/cap/raft dimensions

include this bonded layer. Model piles had a shaft length Lp = 150 mm, final diameter dp =
12.6 mm (aluminium tube with 12 mm outer diameter and 1.35 mm thickness, having an external

0.3 mm rough interface), and were fitted with a 60◦ conical tip. The pile cap was fixed in

place using a step in pile shaft diameter at the soil surface (piles were machined from 15.9 mm

external diameter aluminium tubes with a thickness of 3.3 mm). The raft and the pile caps

were square with 48.4 mm side length and 10.4 mm thickness, and were fully embedded in the

ground.
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Friction piles were created by fitting cylindrical pieces of aluminium and relatively soft

polystyrene foam to the base of the reference pile, with the aim of reducing resistance mobilised

at the pile base (similar to Gutiérrez-Ch et al. (2021)). Based on lab tests of the polystyrene

under radially constrained conditions (similar to an oedometer test), a maximum base load of

12 N was expected (see Table 3.3).

The intention of the friction pile tests was to obtain data that more closely aligned with de-

sign assumptions (where little to no base capacity is assumed for capped piles (Poulos, 2001)).

However, as demonstrated in Chapter 4, though effective in reducing the base loads to some

degree, higher base loads were mobilised in the friction piles than expected. As such, even for

the friction piles, test outcomes relate to a more conservative scenario of tunnel-pile interaction,

where base capacity is proportionally higher than generally assumed for capped piles in design.

The pile was instrumented using two fibre optic cables on opposite sides of the pile, each

with 4 FBG strain sensors, as shown in Fig. 3.4(a). The FBG sensors were calibrated to infer

axial load along the pile through a positive correlation between pile axial force, strain, and FBG

wavelength shift suggested by Song and Marshall (2020). The wavelength shifts of two FBG

sensors at the same level were averaged to minimise the impact of pile bending. Measurements

from the load cell and FBG sensors enable the estimation of: external load F as the pile axial

force N at the ground surface z = 0, given by the load cell reading plus the self-weight of

components between the load cell and the soil surface; heading load as the difference between

the external load at the soil surface and FBG1 (for capped pile tests this represents the load

carried by the cap); shaft load as the difference in axial force between FBG1 at a depth of 0.9 m

(prototype-scale) and FBG4 at the pile base; and base load as the axial force at FBG4.

The centrifuge experiments consider a full-scale prototype scenario with 0.756 m diameter,

9 m deep piles equipped, where applicable, with a square pile cap with 2.904 m side length and

0.624 m thickness located directly above a 5.4 m diameter tunnel with a cover depth of 10.8 m.
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3.3.3 Setup and calibration of piles with FBG strain sensors

3.3.3.1 Influence of the connection at the pile head

Fig. 3.5 illustrates the standard model piles, as well as the two types of connection methods

between the pile head and the load cell above it: a “rigid connection”, where the lower part of the

load cell is threaded onto the pile head, and a “point-to-surface contact”, where a hemispherical

base of the lower part of the load cell makes contact with the top plane of the pile head. The

upper end of both load cells is threaded to the loading device above, delivering only vertical

force. Fig. 3.6(a) shows the difference in pile axial forces for the two FBG sensors at each level

(i.e. ∆F = Fi −F(i+1), where i and i +1 refer to the FBGs on opposite faces, Fig. 3.5(a)). The

difference in axial force serves as an indicator of the magnitude of pile bending (Tang et al.,

2024b).
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FBG3

Load cell

Soil surface

(a) (b)

Rigid connection Point-to-surface contact

Controlled load

B1

B3

B5

B7

B2

B4

B6

B8

FBG number: FBG level:

Fig. 3.5. Diagrams of (a) rigid connection and (b) point-to-surface contact between load cell
and pile head

The rigid connection increased the pile bending. In contrast, the point-to-surface contact

reduced the force difference ∆F compared with the rigid connection. Whilst in theory using

the average FBG readings of the two sensors on opposite faces should still provide an accurate

measurement of axial force, this relies on precise positioning and alignment of the sensors,
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Fig. 3.6. (a) FBG force difference between opposite positions at same level and (b) pile axial
force with rigid connection and point-to-surface contact during loading

which is difficult to achieve in practice. Fig. 3.6(b) shows that the point-to-surface contact

tended to give higher FBG load readings.

3.3.3.2 FBG strain sensor calibration

In this study, the axial force along the pile N j is inferred from the average wavelength shift

∆λF BG j of two FBGs at the same level (at F BG j , Fig. 3.5(b)) as:

N j = KF BG j ∗ (∆λF BG j −∆λT j )+∆Nexp (3.3)

where j is the FBG level reference number, KF BG j (in N/pm, pm=picometre) is FBG calibra-

tion coefficient, ∆λT j = Kt ∗∆T is the temperature-induced wavelength offset proportional to

the change in temperature ∆T by a factor Kt = 32-41 pm/°C estimated for no mechanical strains,

and ∆Nexp is an offset introduced during centrifuge testing to correct for the disturbance result-

ing from the loading system. ∆λT j and ∆Nexp are zero during KF BG j calibration tests performed
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at constant temperature.

(1) Coefficient calibration

Table 3.2 shows the range, mean, and standard deviation (STD) of KF BG from five sets of

routine lab compression tests at 1 g within a standard loading frame (Lab C, two cycles from 0-

600-0 N with an increment of ±100 N; a small cylindrical aluminium block with a conical recess

matching the shape of the pile tip provides a surface for loading), two sets of compression tests

using a loading/fixing system that fits on the centrifuge done at both at 1 g and 60 g (Cen 1 g,

Cen 60 g, as above), and seven lab tension tests at 1 g (Lab T, from 0-200-0 N with an increment

of ±20 N). After each cycle of loading-unloading, the position of the pile was altered through

translation and/or rotation.

The deviation in 1-g lab compression coefficient KF BG is likely caused by pile bending

due to misalignment within the loading frame, despite attempts to reduce its effects. Overall,

the lab compression coefficients KF BG are stable and satisfactory, supported by the results of

the centrifuge and tension tests discussed below. Next, the centrifuge compression coefficient

KF BG under 1 g and 60 g levels are discussed. KF BG at 60 g was slightly smaller (by ≈ 2.1%

on average) than the results obtained at 1 g (conducted prior to and after the 60 g tests, without

adjusting any components), which implies a slight (and acceptable) overestimation of the pile

axial force when using KF BG from 1 g lab compression tests. To minimise the effect of pile

bending on KF BG , lab tension tests were performed. The pile was fixed at the top and weights

were hung from the pile via a clamp that was attached to the pile base, close to FBG4 (thus,

FBG4 readings are unreliable). Neglecting the outliers for FBG1, KF BG1−3 are consistent with

the compression results.

(2) Offset at elevated gravity

The tunnel-pile interaction tests included “stabilisation cycles” in which the centrifuge was

repeatedly spun up/down to achieve a more uniform stress distribution within the soil and at

soil-structure interfaces, and ensuring consistency between tests (Song et al., 2022).

To minimise deviations in FBG readings due to misalignments and bending, ∆Nexp =
∆Nexp,1 +∆Nexp,2 in Eq. 3.3 is estimated for each test in two steps: (i) ∆Nexp,1 is estimated

during the stabilisation cycles of a specific test as the difference between the readings of FBG1
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Table 3.2. FBG calibration coefficients from lab compression (C), centrifuge compression, and
lab tension (T) tests

FBG1 FBG2 FBG3 FBG4

Lab C
KF BG 2.5-2.6 2.5-2.6 2.5-2.6 2.4-2.6
Mean 2.53 2.54 2.57 2.52
STD 0.048 0.052 0.024 0.064

Cen 1 g
KF BG 2.6-2.7 2.7-2.8 2.7-2.8 2.8-2.9
Mean 2.63 2.74 2.71 2.83
STD 0.016 0.043 0.043 0.090

Cen 60 g
KF BG ∼2.6 ∼2.7 2.6-2.7 2.7-2.8
Mean 2.59 2.70 2.66 2.73
STD 0.022 0.040 0.037 0.044

Lab T
KF BG 2.3-3.0 2.5-2.7 2.5-2.8 /
Mean 2.62 2.54 2.62 /
STD 0.229 0.070 0.080 /

at 15 mm beneath the surface and the theoretical axial load at the surface (neglecting the shaft

friction between FBG1 and the soil surface); next, (ii) ∆Nexp,2 is a constant for the instrumented

pile estimated at a given g-level in tests without soil to account for the (minor) effects of the

self-weight of FBG sensors and the glue covering them when g-level is increased.

Fig. 3.7 illustrates the uncorrected changes in pile axial forces (when ∆Nexp = 0) in two cen-

trifuge tests during stabilisation cycles from 1-60-10-60-10-60 g. Two scenarios are included:

subplot (a) for a pile positioned directly above the tunnel; subplot (b) for a pile located 150 mm

away from the tunnel centreline (“no tunnel”). The pile axial forces showed good repeatability

subsequent to the first spin-up to 60 g. Specifically, in Fig. 3.7(a)-(b), the axial force at FBG1

was 15/-30 N at the 1st 10 g, whereas it was 2/-60 N for the subsequent 2nd and 3rd 10 g.

In these tests, the “theoretical surface load” (i.e. theoretical pile load at the soil surface) is

equal to 22 N and 110 N at 10 g and 60 g respectively: e.g. at 60 g it consists of 105 N from

the self-weight of the components above the soil surface (adjusted for distance from centre of

rotation of the centrifuge) and a constant load of 5 N applied by the stepper motor (controlled

load in Fig. 3.5).

The FBG correction of ∆Nexp,1 = 20 N and 82 N were estimated, respectively, at the last
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Fig. 3.7. Changes in pile axial forces during centrifuge spin up/down for pile (a) above tunnel
and (b) no tunnel

spin-down to 10 g in Fig. 3.7(a)-(b), so that the FBG1 load matched the theoretical surface

load of 22 N. Note that ∆Nexp,1 estimated for FBG1 is applied to all other FBG loads while

considering ∆Nexp,2 = 0.

Next, ∆Nexp,2 is added to measurments at the end of the spin-up (or stabilisation cycles)

once the final target 60 g is reached. This second offset ∆Nexp,2 was estimated, at each FBG

location, from the difference between the measured average pile axial forces and the theoret-

ical pile self-weight in two calibration centrifuge tests at N -g without soil (while assuming

∆Nexp,1 = 0); as shown in Fig. 3.8, ∆Nexp,2 is within the range of 1-33 N, which is relatively

small compared with the pile load capacity in centrifuge tests at 60 g (≈ 1.6 kN, including base

load and shaft friction).
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Fig. 3.8. Pile axial force offset at 60 g

3.3.3.3 Measurements of pile shaft roughness

Fig. 3.9 shows measurements along the circumferential direction over a portion of ≈ 10 mm

of the pile shaft, of the arithmetic average roughness (Ra , i.e. arithmetic average of profile

height deviations from the mean line) and root mean square roughness (Rq , i.e. root mean

square average of the profile height deviations from the mean line) at four positions (i.e. shaft

depth of 20, 45, 90, and 120 mm) of both a “new” (used in one centrifuge loading test: pile

external load ≈ 1.6 kN and settlement ≈ 2 mm) and a “used” pile (used in ≈ 10 centrifuge loading

tests: external load 0.7-2.0 kN and settlement 1-4 mm). A 10 mm wide laser (Micro Epsilon

scanCONTROL 2900-10/BL, 1280 pixels) was used; pile was rotated during scans.

Results indicate that repeated centrifuge tests had little effect on Ra and Rq , although the

“used” pile shows peaks in Rq (Rq ≈ 45µm for 90 and 120 mm depth in Fig. 3.9(d)), which

might arise from local wear. This suggests that pile shaft roughness, thus shaft capacity, was

maintained for repeated centrifuge tests of the experimental programme conducted.
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Fig. 3.9. Arithmetic average roughness and root mean square roughness of (a b) “new” and (c
d) “used” piles

3.3.3.4 Use of a soft base for friction piles

The soft base, aiming to reduce pile base loads to model friction piles, consisted of an alu-

minium tube at the conical tip and an underlying cylinder of polystyrene foam (both pieces

have 10 mm length and 12 mm diameter), as shown in Fig. 3.10(b). No sand was glued to the

aluminium tube, so that the force at FBG4 was representative of the pile base load.

(a)

(b) (c) (d)

Top view of 

pedestal

Aluminum pedestal

Sand

Sand 
attached

Smooth 
surface

Aluminum 
tube

Polystyrene 
foam

Fig. 3.10. Vertical force response of soft base: (a) 1 g test, and (b d) likely scenario in centrifuge
tests
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To test the response of the soft base in confined conditions, the pile was loaded at 1 g with

the soft base embedded in a cavity (slightly larger than the pile diameter) machined into an

aluminium pedestal (see Fig. 3.10(a)). The loading tests were performed at a rate of 0.1 mm/s

on a “new” soft base which hadn’t been used in centrifuge tests, as well as a “used” tip that

had previously been used in two centrifuge loading tests (in case some permanent damage was

incurred during tests which affected the loading response). Results in Table 3.3 show that the

used soft base is slightly less stiff than the new soft base, but this variation is negligible.

Table 3.3. Base load of friction piles at 1 g and 60 g

1 g 60 g
Used New Spin-up Loading

Load (N) 11 12 150-200 200-300
Disp (mm) 6 6 ∼1.5 0.882

The ideal behaviour of the soft base is that it would maintain its shape radially while per-

mitting axial compression with minimal reaction on the pile base, as shown in Fig. 3.10(b).

However, in the centrifuge tests, the base load (after the centrifuge spin-up to 60 g and af-

ter pile loading with settlements reaching 7% of the pile diameter) was much larger than the

≈ 12 N measured in 1-g tests. The soft base decreased the mobilised base resistance by only

60-70% compared to the standard piles (at settlements of 7% pile diameter). Thus, the envi-

sioned behaviour was not achieved during the centrifuge tests. It is likely that the polystyrene

was compressed radially, as shown in Figs. 3.10(c)-(d), as a result of the confining stress from

the surrounding soil, which would allow increased base resistance to be mobilized.

3.3.4 Centrifuge model package

The experimental package (see Fig. 3.11) developed by Song and Marshall (2020) and Xu

et al. (2020a) for vertical loading of fibre-optic instrumented model piles above a displacement-

controlled plane-strain model tunnel was used.

The tunnel was buried with a cover C of 180 mm in all tests, giving a cover-to-tunnel diam-

eter ratio of C /D t =2.0 (also see Fig. 3.4(a)). The tunnel volume loss was calculated based on
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the axial displacement of a hexagonal wedge shaped shaft which was measured by an LVDT.

Two cameras positioned in front of the acrylic wall recorded soil deformations near the wall un-

der amber LED lights. Piles/rafts were centrally located at 75 mm from the front/back walls of

the strongbox. The foundation loading system consists of a stepper-motor driven actuator that

can operate in load or displacement control, which transmits only vertical loads (perpendicular

to the soil surface) to the foundations. The head load and displacement of the pile and raft

models were measured by 2 kN load cells and 30 mm Linear Variable Differential Transformers

(LVDT), while the variation of pile axial force was acquired using FBG strain sensors (Song

and Marshall, 2020). To compensate FBG readings for temperature variation, three temperature

sensors with a spacing of 70 mm were attached to the inner wall of a ‘dummy’ pile installed in

the sand approximately 200 mm away from the tunnel centerline.

Camera

Temperature sensor

Fibre with FBGs

LVDT

Load cell

Model pile

Stepper motor

Gearbox

Fig. 3.11. Experimental package of pile loading and tunnelling (left: side view; right; view
from above
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3.3.5 Test plan

Table 3.4 summarises the tested configurations and corresponding load conditions for Chap-

ter 4. Seven loading tests measured the external load-settlement response of the considered

foundations. Identical foundations were tested twice to verify repeatability that was proved by

consistent results between raft tests R1 and R2, reference pile tests P1 and P2, and friction pile

tests FP1 and FP2 (see Fig. 4.3). Note that, in tests R1, R2, and CP1, the ultimate resistance

was not measured because the capacity of the loading system was reached (2.2 kN). Also, P2

was not instrumented with FBGs and this test was done concurrently with P1. Nine tunnelling

tests were performed, including one greenfield test and eight tests where pile foundations were

located directly above the tunnel.

Table 3.4. Summary of centrifuge tests at model-scale dimensions

Test
series

Test
No. Test label a Offset

(mm)

Measured
load capacity
Q (N) [MNb]

Assumed load
capacity Q
(N) [MNb]

Designed
service load

F0 (N) [MNb]
W L W L∗

L
oa

di
ng

1 R1 0 (≥) 2138
[7.7] / / / /

2 R2 0 (≥) 1911
[6.88] / / / /

3 P1 150 1558 [5.61] / / / /
3 P2 300 1556 [5.6] / / / /

4 CP1 150 (≥) 2017
[7.26] / / / /

5 FP1 150 1025 [3.69] / / / /
6 FP2 150 883 [3.18] / / / /
7 FP3 0 705 [2.54] / / / /

Tu
nn

el
lin

g

8 GF / / / / / /
9 P3WL1 0 1422 [5.12] / 1475 [5.31] 1 /

10 P4.WL0.8c 0 / 1422 [5.12] 1085 [3.91] 0.8 /
11 CP2.WL1c 0 / 1422 [5.12] 1475 [5.31] 1 0.7
12 CP3WL0.8c 0 / 1422 [5.12] 1085 [3.91] 0.8 0.5
13 CP4.WL0.6c 0 / 1422 [5.12] 901 [3.24] 0.6 0.4
14 FP4.WL1 0 / 705 [2.54] 705 [2.54] 1 /
15 FP5.WL0.7c 0 / 705 [2.54] 490 [1.76] 0.7 /
16 CFP1.WL0.7c 0 / 705 [2.54] 490 [1.76] 0.7 0.2

a R: raft; P: reference pile without cap; CP: capped pile; FP: friction pile without cap; CFP: capped friction pile;
GF: greenfield. b Prototype-scale. c These tests include post-tunnelling pile loading.
W L is working load level based on capacity of a pile; W L∗ is working load level based on capacity of capped pile.
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Load capacity (Q) is defined in this study as the resistance mobilised at a settlement Sp of

7% of the pile diameter dp . In Figs. 4.3, the shaft loads of uncapped piles are fully mobilised

at settlements of 6-7% dp , while the pile external loads tend to continue to increase slightly

because of the base loads. For all piles in Table 3.4, the working load level W L = F0/Q is the

ratio between the applied service load F0 and either measured or assumed load capacity Q of

uncapped piles (Korff et al., 2016). The value of W L gives an indication of how far, in terms

of applied load, the pile is from a state of failure due to the external head load change (where

settlements reach a predefined limit; discussed in more detail in Chapter 4). Note that failure

here relates more to pile stability than a serviceability state typically assumed for design (which

would have much lower requirements for settlements of about 1-2% dp (Poulos, 2001)). For the

purposes of this study, a reference settlement was needed to obtain the load capacity Q; a value

of 7% dp was selected since, at this settlement, the shaft loads of uncapped piles were typically

fully mobilised. The selection of reference settlement is somewhat arguable (i.e. a value of

6% could equally have been adopted with the same argument), however, within a reasonable

tolerance, the assumed reference settlement will not affect the main outcomes and conclusions

of this study.

As discussed in more detail in Chapter 4, the presence of the rigid model tunnel (before

inducing any tunnel volume loss) decreased the load capacity of piles at large settlements for

both reference and friction piles (compared to piles that were load tested at locations at an offset

to the model tunnel). This resulted in the early onset of large pile settlements in tunnelling tests

P3.WL1 and FP4.WL1; for these tests tunnelling ground loss was initiated after the pile had

failed (i.e. W L = 1). The load capacity Q could be obtained either as a direct measurement

from loading tests or from the tunnelling tests where W L = 1 (in which the applied service load

F0 resulted in a settlement Sp ≈ 7%dp). When analysing the experimental data, the following

approach was used to obtain the assumed load capacity Q. (1) For reference piles with no cap,

the capacity from loading tests P1 and P2 (average 1557 N) at an offset of 150-300 mm was

greater than the measured Q of 1422 N obtained from tunnelling test P3, which was directly

above the rigid tunnel. The capacity Q = 1422N from P3 was deemed the most representative

for piles directly above the model tunnel; thus, service loads of 1475 N and 1085 N give working
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load levels (rounded to 1 decimal) of 1.0 and 0.8 for tests P3.WL1 and P4.WL0.8, respectively.

(2) Similarly, the W L for capped piles in tests CP2.WL1, CP3.WL0.8, and CP4.WL0.6 cor-

responds to Q from test P3.WL1 (1422 N). (3) For friction piles, the capacity from loading

tests FP1 and FP2 (Q ≈ 954N) at an offset of 150 mm from the tunnel also differs consider-

ably to Q = 705N during test FP3 directly above the tunnel; importantly, test FP4.WL1 also

gave Q = 705N for the friction pile loaded directly above the tunnel, confirming the impact of

the rigid tunnel. Therefore, the W L of uncapped and capped friction piles for tunnelling tests

(FP5.WL0.7, CFP1.WL0.7) was evaluated using Q = 705N from FP3. Finally, to account for

the soil resistance beneath an embedded cap, an alternative working load level W L∗ is indicated

in Table 3.4 for capped piles CP and capped friction piles CFP considering the load capacity

from the loading test CP1.

3.3.6 Sand preparation

When preparing tests with reference piles (without caps or soft bases), the temporary plate was

placed directly at the position of the soil surface (C /D t = 2), sand was poured, the back wall

was attached, the strongbox was rotated upright, and piles were pushed into place at 1 g using

guides to get the piles in the correct position and ensure they stayed vertical during pushing.

This procedure was modified slightly for tests with capped piles and rafts, where the temporary

plate was placed at a level corresponding to the underside of the pile caps or rafts, sand was

poured, the back wall was attached, the strongbox was rotated upright, the capped piles or rafts

were installed, and further sand was poured up to the top of the cap/raft, achieving C /D t = 2 at

the top of the buried caps/rafts. For the uncapped/capped friction piles, the temporary plate was

placed at the C /D t = 2 level, 75 mm of sand was poured (reaching the middle of the strongbox

width where piles are located), the piles were placed at their target positions, the remainder of

the sand was poured, the back wall was attached, and the strongbox was rotated upright.
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3.3.7 Test procedure

Prior to applying external loads at 60 g, two ‘stabilisation cycles’ were completed, spinning

up/down to 60/10 g, with the aim of achieving uniformity in the sand (reducing localised stress

concentrations) and getting better repeatability between tests; a notional 5 N load was applied

to the load cell throughout this process. In pile loading tests, a velocity of 0.02 mm/s was

imposed to the load cell until a settlement of 20% pile diameter (2.5 mm) or the capacity of

the loading system (2.2 kN) was reached. An exception to this is loading test FP3, which was

loaded using the pre-tunnelling pile loading procedure described below. The tunnelling tests

(except greenfield GF) included three stages: pre-tunnelling loading, tunnel volume loss, and

(in some cases) post-tunnelling loading. In the first stage, the pile external load was gradually

increased to the target service load in intervals of 50 N. During tunnel volume loss, the service

load was maintained and volume loss was induced in small increments. The post-tunnelling

loading of piles (in tunnelling tests with W L(∗) < 1; refer to Table 3.4) used the same method as

the loading tests, except that the loading speed was reduced to 0.01 mm/s. The reduced loading

speed was adopted to avoid damage to the pile and tunnel, which at this stage of tests were

relatively close to each other; the rigid tunnel was obviously present in these tests as well.

3.4 Development of a coupled centrifuge-numerical modelling

(CCNM) approach for shallow strip foundations

3.4.1 CCNM method overview

The updated CCNM application aims to model the tunnel-masonry wall scenario under plane

strain conditions illustrated in Fig. 3.12(a) (other structure types and layouts are also consid-

ered). Small-scale (1/70th) models of the strip foundation, soil, and tunnel are included in the

centrifuge, while the masonry wall is simulated in Abaqus at full (prototype) scale (see also

Fig. 3.15). The initial loads generated by geostatic wall self-weight based on an Abaqus anal-

ysis are first applied to the foundation. A small increment of tunnel volume loss (0.1-0.2%) is

then initiated in the centrifuge and vertical footing displacement data are transferred to Abaqus,
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which calculates revised foundation loads based on the level of distortion caused to the wall.

These revised loads are then applied within the centrifuge, which may result in displacement

changes, which are then transferred again to Abaqus, and the cycle is repeated. Upon reach-

ing a stable state where loads and displacements no longer change, an additional increment of

tunnel volume loss is then applied. The “data exchange interface” between the centrifuge and

numerical domains is programmed in LabVIEW, allowing the manipulation of data transferred

at the interface (e.g. adjusting parameters between model and prototype scales) and the control

of various test conditions, such as the activation of the numerical model (handing control of

load actuation over to Abaqus), and the initiation of tunnel volume loss (Tang et al., 2024c).
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Fig. 3.12. (a) Layout of prototype-scale tunnel-strip foundation-wall, (b) loading system for
strip foundation, and (c) front and (d) top views of centrifuge model
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3.4.2 Centrifuge model

Fig. 3.12(b)-(d) show the configuration of the centrifuge model. The strong box has internal

dimensions of 700 mm × 150 mm × 500 mm, with a front wall made of transparent acrylic that

facilitates soil movement visualisation/measurement using two Dalsa Genie Nano-M4020 12.4

megapixel cameras and the GeoPIV-RG technique (Stanier et al., 2016). A fine, dry, poorly-

graded silica sand known as Leighton Buzzard Fraction E sand was used. The sand is char-

acterised by a typical average diameter D50 of 0.14 mm, a uniformity coefficient Uc of 1.58,

a specific gravity Gs of 2.65, a maximum void ratio emax of 1.01, and a minimum void emi n

of 0.61 (Lanzano et al., 2016). The uniform dense sand (Id ≈ 90%) was prepared using an

automatic sand pourer. A 90 mm diameter eccentric rigid boundary mechanical model tunnel,

driven by a stepper motor and gearbox (see Fig. 3.12(c-d)), with a maximum tunnel volume

loss of 3.5% developed by Song and Marshall (2020) was used to achieve tunnel ground loss.

The tunnel was buried with a cover-to-tunnel diameter C /D t of 1.3, which represents a typical

scenario for shallow buried tunnels.

The centrifuge tests were conducted at a gravitational acceleration of 70 g. An aluminium

strip foundation model (297 mm × 38 mm × 1.8 mm, Young’s modulus Ea = 70 GPa) was lo-

cated on the soil surface to simulate a prototype-scale masonry strip foundation (20.79 m ×

2.66 m × 0.36 m, Young’s modulus Em = 3 GPa); the model foundation has the same scaled

bending stiffness as the prototype foundation (E I = 31 MN·m2). The minimum width (in the

direction of the tunnel) of the foundation was 38 mm to give sufficient space for the pneumatic

cylinders used to apply loads (described later). The strip foundation is subjected to loading at

seven predetermined positions at a spacing of 47.5 mm (see Fig. 3.12(b)) within raised beams

along the foundation (the raised beams ensure load is applied evenly across the width of the

foundation). The beams are loaded via rod end bearings (ensuring no bending action is applied)

and 3 mm diameter steel rods inserted through the beams (a 6 mm length at the central position

of the raised beams was removed to accommodate the rod end bearings).

The loading system consists of a frame, seven pneumatic cylinders (25 mm bore, 25 mm

stroke, C85 series, double acting, maximum 1 MPa), a manifold, and eight compact electro-

pneumatic regulators (ITV0050-3ML-Q, maximum 1 MPa pressure supply). The pressure within
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the lower chamber of each cylinder is connected to a unique regulator using 4 mm diameter pipe,

while the pressure within the top chamber of all cylinders is linked to a common regulator using

a manifold. A dedicated air compressor is used that supplies compressed air at approximately

950 kPa to the regulators. The frame, positioned on top of the strongbox, securely holds the

manifold, cylinders, and 10 mm stroke linear variable differential transformers (LVDTs). Load

cells with a 500 N range are connected in-line with the cylinder rods and the rod end bearings,

enabling the application/measurement of loads onto the strip foundation.

3.4.3 Numerical model

The concrete damage plasticity (CDP) model was initially proposed by Lubliner et al. (1989)

and later applied to concrete degradation under cyclic loading by Lee and Fenves (1998). The

CDP model is also widely used in numerical modelling of masonry buildings (Furtmüller and

Adam, 2011; Yiu et al., 2017; Yacila et al., 2019; Schiavoni et al., 2023). The CDP model is

based on continuum and plasticity-damage, allowing for separate input of stress-strain relations

and damage variables in tension and compression. The yield surface of the CDP model, mod-

ified from the Drucker-Prager strength hypothesis, is not circular in the deviatoric plane (the

shape is controlled by Kc , the ratio of the tensile to the compressive meridian; see Fig. 3.13(a)),

which enables different yield triaxial tension and compression stresses. The yield function is

defined as (Lee and Fenves, 1998; Genikomsou and Polak, 2015):

F̄ = 1

1−α
(
q −3αp +βσmax −γ(−σmax)

)−σc = 0 (3.4)

where q is the Mises equivalent effective stress, p is the hydrostatic pressure, σmax is the max-

imum principal effective stress, and the parameters α, β, and γ are given by:

α= (σb0/σc0)−1

2(σb0/σc0)−1
(3.5)

β= σc

σt
(1−α)− (1+α) (3.6)
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γ= 3(1−Kc )

2Kc −1
(3.7)

where σb and σc are the biaxial and uniaxial compressive strengths, respectively, and σc and

σt are the effective cohesion stresses for compression and tension, respectively. When σmax is

positive, β is active; when σmax is negative, γ is active.

In the CDP model, the potential plastic flow of concrete materials is defined by the schematic

dilation angle ψ and the flow potential eccentricity ϵ (see Fig. 3.13(b)), expressed as:

Ḡ =
√(

ϵσt0 tanψ
)2 +q2 −p tanψ (3.8)

where σt0 is the uniaxial tensile stress.

p

σ1

σ3

σ2

(a) (b)

Fig. 3.13. (a) Yield surfaces in the deviatoric plane and (b) dilation angle and eccentricity in
meridian plane (modified from Othman and Marzouk (2018))

A reference masonry wall with dimensions of 20 m in length, 8.5 m in height, and an open-

ing ratio of 19% is considered (H8.5O19, as shown in Fig. 3.12(a)); other walls in this thesis

(Table 3.6 and 3.8) are variations based on the reference wall H8.5O19. The walls are modelled

at prototype scale using 3D shell elements (S3) in Abaqus based on construction and dimen-

sions derived from previous studies (Burd et al., 2000; Pickhaver et al., 2010; Yiu et al., 2017).

According to Yiu et al. (2017), the CDP constitutive model of the masonry walls is charac-

terised by a mass density of 2423.5 kg/m3, a Poisson’s ratio of 0.2, a Young’s modulus Em of

3 GPa, infinite compressive strength, and post-failure tensile stress that increases with a pos-
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itive gradient of 0.01 Em after reaching a tensile strength of 50 kPa (hardening failure), while

the Young’s modulus of the linear elastic lintel in the facade model is taken as 9 GPa. In Yiu

et al. (2017), a 215 mm thick masonry wall rested on a 1 m wide strip foundation, resulting in a

nominal bearing stress of 33.7 kPa. In the centrifuge, the prototype scale foundation width had

to be increased to 2.66 m (as mentioned in the previous section, the minimum model founda-

tion width was 38 mm due to experimental constraints); to achieve the same nominal bearing

stress of 33.7 kPa beneath the foundation, the prototype wall thickness from the centrifuge tests

was therefore scaled by the ratio of foundation widths (2.66) to 571 mm. This increased both

bending stiffness E I and shear stiffness G As by the same factor of 2.66 (verified using the

methodology provided in Section 3.5.1).

To establish planar conditions within a 3D environment, the numerical models impose

global constraints on the displacement degrees of freedom in the z direction and the rotational

degrees of freedom about the x and y axes (as defined in Fig. 3.12(a)). These conditions were

primarily set to facilitate the implementation of the CCNM approach. Fig. 3.14 compares the

tunnelling-induced tensile strain distributions within masonry walls without (i.e. plane stress

conditions; H8.5O0** and H8.5O19**) and with these boundary conditions (i.e. plane strain

conditions; H8.5O0* and H8.5O19*, which are also presented in Fig. 5.4, where more details

are provided) at Vl ,t = 2.2%. The numerical results were acquired by applying fitted foundation

settlements from conventional centrifuge constant-load tests (i.e. tests No. 2 and 4 in Table 3.6)

on separate Abaqus models. The results indicate no significant effects from these different

boundary conditions, and the assumption for the shell elements that no stress changes through

the thickness in such conditions in Abaqus results in zero stress and strain in the z direction (i.e.

the direction of the wall thickness). While plane stress conditions are typically considered for

the walls, plain strain conditions yield similar results in such cases, thus the CCNM test results

under plane strain conditions remain valid.

The boundary conditions applied to the 50 nodes along the base of the wall in Abaqus

allowed free horizontal movement in the x-direction and rotation about the z-axis; vertical

displacements (in the y-direction) are controlled according to centrifuge test measurements

through a connection to the data exchange interface using a FORTRAN subroutine. The ex-
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Fig. 3.14. Distributions of max principal strain (tensile strain) and wall damage assessment at
Vl ,t = 2.2% for walls with e/L = 0: (a)-(b) H8.5O** and H8.5O19** under plane stress condi-
tions, (c)-(d) H8.5O* and H8.5O19* under plane strain conditions (gray dashed lines represent
the tunnel centreline CL, and inflection points of greenfield surface iGF and wall base settle-
ments iBl d g )

perimental equipment has a limitation in that it does not allow measurement or control of (1)

the rotation of the model foundation about the z-axis and (2) the horizontal (x-direction) dis-

placements of the foundation. Limitation 1 may result in some disparity between centrifuge

and numerical models, however comparison of the displaced shape of the base of the wall in

Abaqus with the foundation settlements measured in the centrifuge demonstrate that this dis-

parity is negligible (in Figs 5.2, 5.9, 6.10, and 6.11 compare ‘LVDT fitting curve’, which is

the settlement imposed at the base of the wall in Abaqus, with ‘foundation LVDT’). Regarding

limitation 2, since measurements of lateral strains of the foundation could not be integrated into

the CCNM control program (horizontal foundation displacements were only measured by post-

test image analysis methods), it was decided to allow free horizontal movements along the base

of the wall in the numerical model. Restraining horizontal displacements along the wall base

would not have been realistic as strains need to occur due to wall bending. An approximated

strain, calculated in real-time within the control program based on beam theory and the mea-

sured deformed shape of the wall, could have been imposed on the wall base in the numerical
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model; this approach would admittedly have been the best option, however it was overlooked

during the experiment planning stages. To consider the implications of this limitation, the nu-

merical modelling results from Yu (2024), who considered the effect of foundation-soil interface

friction on a similar masonry wall within a numerical model, can be used; a detailed discussion

of this is provided in Section 5.3. In summary, for central cases, the angular distortion (β) repre-

senting shear deformation could be underestimated by approximately within 10%, and minimal

effect was observed in the extent and degree of (tensile) damaged area, when comparing results

for a soil-foundation friction coefficient of µ= 0 (comparable to the scenarios modelled in this

paper) against results with µ = 0.3 (a more typically adopted value). Note that the scenarios

considered in this paper represent a ‘pseudo’ smooth interface between the wall and the ground

surface because the foundation was physically modelled in the centrifuge, hence the effects of

limitation 2 are expected to be less than those considered by Yu (2024).

Two analysis steps are implemented in Abaqus: the first involves the application of a grav-

ity load to the walls within a single increment, while the second step is the subsequent coupled

simulation with the centrifuge model through the data exchange interface, necessitating a sub-

stantial number of increments to cover the entire testing duration.

3.4.4 Coupled modelling

Firstly, each centrifuge model underwent three spin up/down/up “stabilisation cycles" (1-70-

10-70-10-70 g), to reduce localised soil stress concentrations and improve test repeatability; the

strip foundation is suspended from the load actuators during these cycles and is not in contact

with the soil. The foundation is then lowered slowly onto the soil and a preliminary load of

2 N is simultaneously applied to the seven loading positions on the strip foundation using a

LabVIEW load-control program, thereby ensuring the establishment of full contact between

the bottom of the strip foundation and the soil surface. The test progresses as follows, with

numbered items relating to the numbers in Fig. 3.15:

1. Initial loads (F f _0) from the wall self-weight are simultaneously applied to the foundation

in increments of 25% of the final load. Soil surface settlements are then initialised to 0.
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Centrifuge model domain

① Strip foundation (wall self-weight-induced initial loads, Ff_0 )

② Tunnel (volume loss, Vl,t )

③ Strip foundation

(settlements, Sf )

⑤ Wall

(Input: interpolated settlements, Sw_node )

 (Output: wall base loads, Fw_node )

 (Output:  load distribution & deformation)

⑦ Check discrepancy

Data exchange interface 

Tunnel

Strip foundationGround surface
Sf

Ff

Wall

④ Fit settlement curve

Sf

Sw_nodeFw_node

ΔF=Fw-F'f

⑧ Strip foundation

(loads, Ff )

Ff

Numerical model domain

Fw

⑥ Convert to 

concentrated loads

Fw

Fw_node

Fig. 3.15. Diagram of the coupled centrifuge-numerical modelling of shallow foundations

The data exchange interface is activated and control of the foundation load is passed to

Abaqus.

2. An increment of tunnel volume loss is manually initiated (∆Vl ,t ≈ 0.1-0.2%), causing

settlements of the soil and the strip foundation.

3. The seven LVDT measurements of foundation settlements (S f ) are transferred to the data

exchange interface when certain stabilisation criteria are met and a displacement thresh-

old is reached (
∣∣S f ,tol

∣∣≥ 15µm).

4. The strip foundation settlements (S f ) are fitted using the fitting curves according to the

tunnel-wall eccentricity ratio e/L (see Table 3.5) to get the input of settlement (Sw_node),

after scaling to prototype scale and interpolating, of the 50 nodes along the base of the

wall in the numerical model.
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5. The wall base loads (Fw_node) are calculated in the numerical model according to the

input wall base settlements (Sw_node); the change in settlement along the base of the

wall in the numerical model is always from a ‘reference’ state corresponding to the final

displacement profile at the end of the preceding volume loss increment (Sw_node_r e f );

this ensures that the numerical model state is not ‘cycled’ through intermediate states in

the process of reaching its final equilibrium state.

6. Revised wall base loads (Fw_node) are transferred to the data exchange interface and dis-

tributed, after scaling to model scale, to the 7 concentrated (actuator) loads (Fw ) according

to the following convention: n1-3[3]:a1, n4-13[10]:a2, n14-21[8]:a3, n22-29[8]:a4, n30-

37[8]:a5, n38-47[10]:a6, n48-50[3]:a7, where n#-# indicates the node number in Abaqus,

[#] is the total number of nodes used to calculate the force for a given actuator, and a# is

the actuator number in the centrifuge (see Fig. 3.12(b)).

7. The data exchange interface assesses whether loads are balanced (F f = Fw ). If yes, con-

tinue with step 8, and wait for the next tunnel volume loss increment (i.e. step 2, which is

manually initiated; as long as the displacement threshold is not reached (
∣∣S f ,tol

∣∣< 15µm)

and the stabilisation criteria are met). If not, continue with step 8 and repeat steps 3-8

(this process, i.e. steps 3-8, repeat automatically until a stable and balanced condition is

achieved).

8. The new loads (F f ) from the data exchange interface are applied to the strip foundation,

potentially resulting in new settlements of both the strip foundation and the underlying

soil.

3.4.5 Data transfer principles

The following provides additional details relating to certain aspects of the control system and

how data was managed in the data exchange interface.

Pneumatic cylinder air pressure control (load control): The bottom chamber of the pneu-

matic cylinders is controlled via the pressure regulators using a Proportional-Integral-Derivative
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Table 3.5. Fitting curves

e/L Curve type Parameter

e/L = 0
Modified Gaussian curve (Vorster et al., 2005b):

Sv,max ,α, i
f (x) = nSv,max

(n−1)+exp[α(x2/i 2)] , where n = exp(α) 2α−1
2α+1 +1

0 < e/L < 0.5
Exponential Modified Gaussian curve:

λ,µ,σ,β
f (x) = exp(−λx) ·exp

(
− (x−µ)2

2σ2

)
·
(
1+erf

(
β

(x−µ)p
2

))
e/L = 0.5

Second-order Fourier curve:
a0, a1,b1, a2,b2,ω

f (x) = a0 +a1 cos(ωx)+b1 sin(ωx)+a2 cos(2ωx)+b2 sin(2ωx)

(PID) algorithm within LabVIEW. Using the target load F f (either manually input or obtained

from Abaqus) and the load cell data, the PID algorithm adjusts the input voltage to the pressure

regulator (i.e. the bottom chamber pressure) until the required target load is achieved. The test

load range is typically set from -20 N (an upwards force of approximately 1/6 the foundation

self-weight, representing the force needed to lift the (local) foundation off the surface) to half

of the wall self-weight.

Settlement data transfer rules for centrifuge model (steps 3-4): The prerequisite for

sending settlement data from the centrifuge to Abaqus is that the foundation system reaches

a stable state and that displacements are above a certain threshold (such that insignificant

changes in readings are not continually passed across the data exchange interface). The sta-

bilisation criteria require 1⃝ the load tolerance
∣∣F f ,tol

∣∣ = ∣∣F f −F f ,cur
∣∣ ≤ 5 N, where F f is the

target load and F f ,cur is the current load cell reading, 2⃝ the maximum fluctuation of the foun-

dation load cell readings
∣∣F f , f luc

∣∣ ≤ 3 N, and 3⃝ the settlement fluctuation of the strip foun-

dation
∣∣S f , f luc

∣∣ ≤ 5µm; the displacement threshold condition is represented by the foundation

settlement tolerance
∣∣S f ,tol

∣∣= ∣∣∣S f ,cur −S′
f

∣∣∣≥ 15µm, where S f ,cur is the current LVDT reading

and S′
f is the previous target from Abaqus (i.e. the settlement change is sufficiently large to be

passed to Abaqus). Once these criteria are met for a time window of ST = 5 s, the average of

foundation settlement S f over the preceding 1 s are transferred to the data exchange interface

for fitting the modified Gaussian curves.

Settlement input rules for Abaqus (steps 4-5): The difference (∆S) between the current

target settlement (Sw_node) and the reference settlement for the wall base nodes after settlement
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curve fitting (i.e. the initialised soil/foundation settlement or the stable settlement at the end

of the last tunnel volume loss process, Sw_node_r e f ) is applied in Abaqus in 10 increments to

ensure the convergence of the Abaqus analysis of each increment. For the CDP masonry wall

model, this process takes ≈ 4 s, with each increment taking ≈ 400 ms; the exact timing depends

on the convergence time of the Abaqus analysis.

Load output rules for Abaqus (steps 5-6): According to the input foundation displace-

ments, the Abaqus analysis provides a new load distribution along the building base (Fw_node

for each of the 50 nodes). These are transferred to the data exchange interface after each as-

signment of nodal settlements in steps 4-5. The distributed loads at the complete settlement

curve (Sw_node) are grouped into seven discrete loading points based on their proximity to the

load actuation points in the centrifuge (see Fig. 3.15); the vertical loads from each node within

a group are added together (Fw ) to obtain the target actuator load (F f ).

Load application rules for centrifuge model (steps 6-8): The application of the target

loads Fw from Abaqus directly to the centrifuge model caused stability issues, especially at

the outset of tests where settlement magnitudes were low and building stiffness was greatest.

Prior to the onset of yielding within the wall, fluctuations in foundation settlements caused

relatively large variations in foundation load (and subsequently settlement) changes, ultimately

preventing the overall system from stabilising. To overcome these issues, the loads from Abaqus

were essentially ‘damped’ according to the following rules. If the load increment at a given

actuation point |∆F | =
∣∣∣Fw −F ′

f

∣∣∣ > 3 N, where F ′
f is the previous target load, the target load

F f = 50%∆F +F ′
f is applied; if |∆F | ≤ 3 N, the target loads are applied directly (F f = Fw , i.e.

load is balanced). If the application of ∆F causes settlements that satisfy the ‘Settlement data

transfer rules for centrifuge model (steps 3-4)’ criteria, then a new cycle (steps 3-8) is initiated;

if the stabilisation criteria are satisfied and the displacement threshold is not exceeded (i.e. the

whole model is stable and balanced), the next tunnel volume loss trigger can be activated.
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3.5 Centrifuge modelling of tunnel-soil-masonry wall inter-

actions using CCNM

3.5.1 Calculation of wall bending stiffness E I and shear stiffness G As

It is generally the case that the length of a beam is much larger than the cross-sectional di-

mensions. In the walls considered in this thesis, for example, the length-to-height ratio is

L/H = 20/8.5 = 2.35 for two-storey masonry walls, which does not conform to the traditional

concept of a beam. Short ‘beams’ are more prone to erroneous estimates caused by significant

local deformations when using beam theories. Fig. 3.16 shows the impact of wall length-to-

height ratio (achieved by connecting multiple walls, e.g., four walls in Fig. 3.17) on the bend-

ing E I and shear stiffness G As of two-storey masonry walls without and with 19% openings

(H8.5O0 and H8.5O19), where the strip foundation is also included but the coefficient (L/H)/3

is not considered (the detailed calculations are provided later). Fig. 3.16 demonstrates that the

connection of four walls or more can provide more stable results.

1 2 3 4 5 6
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6

1 2 3 4 5 6
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Fig. 3.16. Effect of wall number on (a) E I and (b) G As (foundation is considered, coefficient
(L/H)/3 is not considered)

Therefore, to estimate the bending and shear stiffness of the walls, four two-storey masonry

walls were connected together using the finite element analysis software Abaqus to form a

longer beam model 4L/H = 20/8.5 = 9.4 (see Fig. 3.17), subjected to three-point loading, four-
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point loading, and cantilever beam testing. The resulting maximum deflections δtot from these

loading tests were used to calculate the bending (E I ) and shear stiffness (G As) of the ‘long’

wall based on Timoshenko beam theory (Eqs. 3.9-3.11; this method was also adopted by Xu

et al. (2020b)). To compensate for the size effect of the beam (i.e. the ‘long’ wall), the result

is multiplied by a coefficient of (L/H)/3 = 0.78 (as suggested by Pickhaver et al. (2010) for

beams with L/H < 3). Note that the walls tested here only incorporate the elastic properties of

the CDP constitutive model; changes in wall stiffness due to yielding, which does occur during

the CCNM tests, are not considered in this estimation of stiffness. The calculations are also

applicable to other types of masonry walls in this thesis, with coefficient (L/H)/3 depending on

the specific wall.

A1
B1 C1 B2

D2D1

D3

Ft Ft FtFt

4L
LL

C2

Fig. 3.17. Configuration of loading tests in Abaqus

For three-point loading tests, points D1 and D2 are supported vertically, and point C1 is

loaded by a concentrated vertical load Ft (the maximum deflection δtot is measured at the

centre of line C1C2):

δtot = δshear +δbendi ng = Ft ·4L

4G As
+ Ft (4L)3

48E I

δshear

δbendi ng
= 12E I

(4L)2G As
= 12Fsb

(3.9)

where Fsb = E I /((4L)2G As) is a constant.

For four-point loading tests, points D1 and D2 are supported vertically, and points B1 and

B1 are loaded (the maximum deflection δtot is measured at the centre of line C1C2):
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δtot = δshear +δbendi ng = Ft L

G As
+ Ft L(3(4L)2 −4L2)

24E I

δshear

δbendi ng
= 24E I

(3(4L)2 −4L2)G As
= 24(4L)2

3(4L)2 −4L2
Fsb

(3.10)

For cantilever beam testing, side D2D3 is fixed, and point A1 is loaded (the maximum de-

flection δtot is measured at the centre of line A1D1):

δtot = δshear +δbendi ng = Ft ·4L

G As
+ Ft (4L)3

3E I

δshear

δbendi ng
= 3E I

(4L)2G As
= 3Fsb

(3.11)

3.5.2 Test plan of verification and application of CCNM testing approach

This test plan is relevant to Chapter 5. Eight centrifuge tests (see Table 3.6) were carried out

in the 50g-tonne centrifuge at the University of Nottingham Centre for Geomechanics (NCG),

including one greenfield (GF) tunnelling test which serves as a reference, five tunnel-masonry

wall interaction tests using the CCNM method for various tunnel-wall eccentricities (e), and two

tunnel-masonry wall interaction tests using a constant wall dead load which provide a reference

for evaluating the effect of wall load redistribution within the CCNM tests.

The effect of wall load redistribution on the tunnel-masonry wall interactions was first as-

sessed by comparing CCNM test results against equivalent ‘conventional’ tests with constant

dead loads applied to the foundation (indicated by an ∗ in the test label); this was done for

the 0% (H8.5O0) and 19% (H8.5O19) opening walls, but only for the case where the wall was

located directly above the tunnel (i.e. e/L = 0, tests No.2-5 in Table 3.6).

The effect of the relative tunnel-wall location, quantified by e/L = 0 to 0.5 (see Fig. 3.18)

was then considered using the CCNM method (tests No.5-8 in Table 3.6). Within the CCNM

data transfer process, where experimental foundations settlements are fitted using a mathemati-

cal curve to obtain settlements at the 50 nodes along the numerical wall base (Step 4 from above

and in Fig. 3.15), it was necessary to apply different fitting curves in tests with different e/L (see

Table 3.5). A modified Gauss curve (Vorster et al., 2005b), previously employed by Marshall
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Table 3.6. Test summary

No. Label a Testing method e/L b

1 GF / /

2 H8.5O0* Constant load 0

3 H8.5O0 CCNM 0

4 H8.5O19* Constant load 0

5 H8.5O19 CCNM 0

6 H8.5O19 CCNM 1/6

7 H8.5O19 CCNM 1/3

8 H8.5O19 CCNM 1/2
a GF: greenfield; H: height; O: % of opening
b e: tunnel-wall eccentricity; L: wall length

H

Dt

Ground surface

e

e/L =   1/2      1/3      1/6       0

Tunnel

Wall

Bay 1 Bay 2 Bay 3 Bay 4 Bay 5
4.4

A B

CD

3.6 4.0 3.6 4.4

Foundation

(in m)

Fig. 3.18. Configuration of eccentric sce-
narios

et al. (2012) and Franza et al. (2019) to fit tunnelling-induced ground surface settlement, was

adopted to acquire symmetric settlement curves when e/L = 0; an exponential modified Gaus-

sian curve was used for eccentric cases with 0 < e/L < 0.5; and a second-order Fourier curve

for e/L = 0.5. Curve fitting parameters were obtained automatically within LabVIEW using a

least-squares regression technique.

Franza et al. (2020a) proposed Fsag /hog (see Eq. 2.30)) to distinguish wall deformations,

where for Fsag /hog < 0.04, wall deformations are dominated by bending, whereas Fsag /hog > 1

indicates a wall will be characterised by shear deformations. The key parameter values for

the cases considered in this study are provided in Table 3.7. In particular, note that the value

of Fsag /hog is typically between 0.04-1; this indicates that the wall in this study will exhibit

mixed bending and shear response. In Table 3.7, values of E I and G As are provided for the

wall only (for information) and for the wall with the foundation (used in subsequent parameter

calculations).
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Table 3.7. Parameters related to wall bending and shear stiffness

Wall E I a (GN ·m2) G As
a (GN) Fsag

b Fhog
b

H8.5O0(*) 69.3/101.9 4.4/4.7
c0.10, / , / , /
d 0.16, / , / , /

c1.07, / , / , /
d 0.64, / , / , /

H8.5O19(*) 52/88.1 1.9/1.8
c0.18, 0.18, 0.30, 0.71
d 0.27, 0.27, 0.39, 1.07

c1.86, 0.53, 0.25, 0.14
d 1.11, 0.40, 0.20, 0.12

a Wall only / wall + foundation.
b Range relates to walls with varying e/L = 0,1/6,1/3,1/2; c at Vl ,t = 1.1%; d 2.2%.

3.5.3 Test plan of tunnel-soil-masonry wall interaction mechanisms

This test plan is relevant to Chapter 6. Table 3.8 summarises the test configurations. There

are ten centrifuge tunnelling tests, including one greenfield test without superstructures (GF,

test No.1) and nine CCNM tests with masonry walls directly above the tunnel (labelled by

the building height H, the door and window opening percentage O, and the masonry Young’s

modulus E and density d when applicable). The bending and shear stiffness of the masonry

walls were scaled by the ratio of building length-to-height ratio L/H to a critical value of 3

when L/H< 3 to avoid an over-stiff response (Pickhaver et al., 2010).

In Table 3.8, the bending and shear stiffness of wall + foundation is, typically as expected,

higher than that of a single wall, however, several counterintuitive values are also observed

(for example, H8.5O19 and H8.5O27, where the existence of the foundation reduces the shear

stiffness). This is probably because, after adding the foundation, the wall length-to-height ratio

L/H is reduced (that directly affects the calculation results according to the rule of L/H< 3) and

load distributions within walls are altered when loaded (especially for the two-storey wall with

larger openings H8.5O27).

The test plan encompasses five standard walls (tests No.2-6), as shown in Fig. 3.19. The

number of storeys in a wall significantly influences wall bending stiffness EI and self-weight

(which determines the surface pressure; H4.5O20, H8.5O19, and H12.5O19), while openings

notably affect shear stiffness GA (H8.5O0, H8.5O19, and H8.5O27). These tests were carried

out on these masonry walls to study the role of wall geometries (i.e. the number of storeys and

opening ratios) in tunnel-masonry building interaction scenarios.

Four non-standard wall tests (tests No.7-10, with the same geometry as H8.5O19), were con-
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Table 3.8. Test summary (in prototype scale)

Test
series

No. Label a Height
(m)

Opening
(%)

E I b

(GN ·m2)
G As

b

(GN)
Surface

pressure (kPa)

1 GF / / / / /

St
an

da
rd

2 H4.5O20 4.5 20 12.7/26 0.8/1 17.7

3 H8.5O19 8.5 19 52/88.1 1.9/1.8 33.6

4 H12.5O19 12.5 19 106.6/161.6 1.9/2 49.6

5 H8.5O0 8.5 0 69.3/101.9 4.4/4.7 41.7

6 H8.5O27 8.5 27 47.5/71.8 1.1/0.9 30.3

N
on

-s
ta

nd
ar

d 7 H8.5O19E- 8.5 19 12.1/33.4 0.4/0.4 33.6

8 H8.5O19E+ 8.5 19 107.5/146.9 3.9/3.8 33.6

9 H8.5O19d- 8.5 19 52/88.1 1.9/1.8 17.7

10 H8.5O19d+ 8.5 19 52/88.1 1.9/1.8 49.6

a GF: greenfield; H: height; O: opening percentage; E: Young’s modulus; d: density; +: increase;

-:decrease; b E I : bending stiffness; G As : shear stiffness; wall only / wall + foundation

ducted to further investigate the influence of bending stiffness and wall self-weight on building

responses during tunnel excavation. H8.5O19E- and H8.5O19E+ are derived from H8.5O19,

with Young’s modulus being decreased and increased to achieve bending stiffness approxi-

mately equal to that of H4.5O20 and H12.5O19, respectively. Note that the Young’s modulus

of lintels is always 3 times that of masonry. Similarly, H8.5O19d-, H8.5O19, and H8.5O19d+

are characterised by masonry density, the former and the latter equipped with the same building

self-weight (or surface pressure) as H4.5O20 and H12.5O19, respectively.

3.6 Summary

This chapter provided an overview of the testing methods, equipment, plans, and procedures,

including the geotechnical centrifuge modelling technique, universal experimental package

(for greenfield tunnelling), detailed testing configurations for TSPI, development of a coupled

centrifuge-numerical modelling (CCNM) approach for shallow strip foundations, and detailed
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Fig. 3.19. Test layout with different building types

testing configurations for TSBI. These methods and equipment will serve the studies of TSPI

(within Chapter 4) and TSBI mechanisms (within Chapters 5 and 6). The advanced coupled

centrifuge-numerical modelling (CCNM) approach for shallow strip foundations, including its

equipment and basic logic, is an important innovation of hybrid simulation technology in cen-

trifuge testing.



Chapter 4

Load transfer mechanisms for capped piles

The expansion of urban areas requires the construction of tunnels, which often occurs close to

existing pile foundations. As a result, design processes must include appropriate consideration

of the effects of new tunnel construction on existing structures.

Centrifuge testing has been used to characterise the effects of tunnelling on single piles (Ja-

cobsz et al., 2004; Lee and Chiang, 2007; Marshall and Mair, 2011; Williamson et al., 2017),

pile groups with elevated rigid caps (Ng et al., 2014; Boonsiri and Takemura, 2015; Soomro

et al., 2018), or piled buildings (Franza and Marshall, 2019a; Song and Marshall, 2020). These

studies confirmed field observations (Selemetas and Standing, 2018; Mohamad et al., 2022)

that, for isolated piles or a flexible superstructure, piles directly above the tunnel undergo set-

tlements that are greater than surface greenfield settlements. However, in contrast to displace-

ment (driven/jacked) piles, extremely large pile settlement or a steep increase in pile settlement

with tunnel volume loss (defined as geotechnical failure) is not expected for non-displacement

(bored) piles that have a service load lower than half of the load capacity, i.e. safety factor

is greater than 2 (Marshall et al., 2020). The above experiments were carried out in the ab-

sence of a cap/grade beam that could be in contact with the soil surface, creating a “piled raft”

foundation system described by Poulos (2001) (referred to here as a “capped pile” for the foun-

dations where piles are the primary structural elements). Mair and Williamson (2014) reported

field data that showed, for a piled building with a reinforced concrete grade beam, foundation

settlements were similar to greenfield movements at the soil surface. The influence of such a

109
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connected shallow foundation in contact with the soil on the tunnel-pile interaction problem has

not been adequately investigated. Research on tunnel-piled raft interactions has been conducted

(Mu et al., 2012; Lu et al., 2020), however this has focused on rafts with multiple piles, which

makes it difficult to isolate the fundamental mechanisms controlling the response of a single

pile from load redistribution between piles through the connected raft.

This chapter uses data from geotechnical centrifuge tests in dry sand (see Table 4.1, which

is the same as Table 3.4 in Section 3.3) to investigate how caps/beams in contact with the

surface influence settlement and load transfer mechanisms of non-displacement piles prior to,

during, and after tunnelling. Five foundation types are considered under varying vertical load

conditions: an uncapped pile (the ‘reference’ pile for comparison), a capped pile in which

the ideal cap is in contact with the ground (which may represent structurally connected grade

beams, part of a connected raft foundation, or a single pad connected to the pile head), an

uncapped friction pile (where the pile has a soft base such that base resistance is decreased

compared to the reference pile), a capped friction pile, and a raft only (with the same size as the

pile caps). Piles were instrumented with fibre Bragg grating (FBG) strain sensors to quantify

the distribution of mobilised forces within the foundations during loading and tunnelling tests.

This chapter presents prototype-scale results characterising the differences between capped and

uncapped pile response to loading and tunnelling, including load transfer mechanisms, pile

head-to-greenfield surface settlement ratios, and post-tunnelling behaviour of piles.

Piles with relatively high working load levels (i.e., low safety factors) were tested in this

study as critical scenarios for large settlements induced by tunnelling. In addition, the base re-

sistance in the tested piles was higher than typically assumed for capped piles in design; in the

context of tunnel-pile interaction, this scenario (with relatively high base loads) may be con-

sidered as conservative, since tunnelling beneath piles predominately affects the base capacity

of the pile. Important interaction mechanisms are demonstrated and quantified in this chapter,

however readers should appreciate that the context of the outcomes does not necessarily align

with design, where safety factors may be higher and pile base load resistance (as a proportion

of total load capacity) may be lower. The contents of this chapter have been published (Tang

et al., 2024a).
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Table 4.1. Summary of centrifuge tests at model-scale dimensions

Test
series

Test
No. Test label a Offset

(mm)

Measured
load capacity
Q (N) [MNb]

Assumed load
capacity Q
(N) [MNb]

Designed
service load

F0 (N) [MNb]
W L W L∗

L
oa

di
ng

1 R1 0 (≥) 2138
[7.7] / / / /

2 R2 0 (≥) 1911
[6.88] / / / /

3 P1 150 1558 [5.61] / / / /
3 P2 300 1556 [5.6] / / / /

4 CP1 150 (≥) 2017
[7.26] / / / /

5 FP1 150 1025 [3.69] / / / /
6 FP2 150 883 [3.18] / / / /
7 FP3 0 705 [2.54] / / / /

Tu
nn

el
lin

g

8 GF / / / / / /
9 P3WL1 0 1422 [5.12] / 1475 [5.31] 1 /

10 P4.WL0.8c 0 / 1422 [5.12] 1085 [3.91] 0.8 /
11 CP2.WL1c 0 / 1422 [5.12] 1475 [5.31] 1 0.7
12 CP3WL0.8c 0 / 1422 [5.12] 1085 [3.91] 0.8 0.5
13 CP4.WL0.6c 0 / 1422 [5.12] 901 [3.24] 0.6 0.4
14 FP4.WL1 0 / 705 [2.54] 705 [2.54] 1 /
15 FP5.WL0.7c 0 / 705 [2.54] 490 [1.76] 0.7 /
16 CFP1.WL0.7c 0 / 705 [2.54] 490 [1.76] 0.7 0.2

a R: raft; P: reference pile without cap; CP: capped pile; FP: friction pile without cap; CFP: capped friction pile;
GF: greenfield. b Prototype-scale. c These tests include post-tunnelling pile loading.
W L is working load level based on capacity of a pile; W L∗ is working load level based on capacity of capped pile.

4.1 Pile axial force after centrifuge spin-up

Fig. 4.1 shows axial force N along the piles measured in tunnelling tests at the end of the

spin-up and stabilisation process at 60 g, before applying the service external head load F0, for

capped/uncapped reference and friction piles respectively.

All piles have a base load mobilised greater than the weight of components above ground of

0.44 MN due to negative shaft friction. The axial force in the reference piles tends to increase

with depth as a result of downwards (negative) shaft friction caused by the soil settling more

than the pile during centrifuge spin-up, consistent with Song and Marshall (2020). Differently,

friction piles show (i) positive shaft friction (i.e. decreasing trend of axial force) near the pile
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Fig. 4.1. Pile axial force after two ‘stabilisation’ cycles at 60 g (prototype-scale results)

base due to the soft tip and (ii) negative shaft load along the shaft that is lower than for reference

piles, as the result of larger settlements of friction piles during spin-up than reference piles along

with smaller mobilised base resistance. More importantly, despite the use of the soft base, all

friction pile tests mobilised a base load significantly larger than the expected value of 0.04 MN

(≈12 N at model scale). This expected base capacity was estimated from loading tests at 1-g

of 10 mm long cylindrical samples of the soft base material placed within a cavity (slightly

larger than the pile diameter) machined into an aluminium pedestal (thus providing radially

confined conditions to the soft base material); further details can be found within Fig. 3.10. It is

likely that the soft base was squeezed during spin-up and had to reach equilibrium at confining

stresses with the surrounding sand that lead to a significant ultimate base load. In tunnelling

tests, the effect of negative shaft friction and base pressure mobilised during spin-up should

not significantly affect tunnelling-induced results considering that piles with relatively large

working loads were tested, thus leading to positive shaft load prior to tunnelling, as shown from

the N profile after service loading in Fig. 4.5.

Note that axial force N from FBG1 at 0.9 m depth (see Fig. 4.1) shows somewhat inconsis-

tent values between 0.24 and 0.43 MN; ignoring shaft friction effects, the load at this position

should be approximately 0.4 MN. This variability is likely due to some bending of the pile near
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the surface (from pile misalignment and the weight of the components above the ground sur-

face) affecting FBG measurement of axial loads. This error is relatively small and does not

impact the main outcomes of the study.

4.2 Pile response to loading

4.2.1 Effect of eccentric rigid boundary tunnel on pile load capacity

Fig. 4.2 shows the load-settlement curves of the main pile types from tests P1, P3.WL1, CP1,

and FP3: namely, external, base, heading and shaft loads plotted against settlements Sp nor-

malised by pile diameter dp . Interestingly, shaft friction and base pressure were fully mobilised

in uncapped piles (P1, P3.WL1 and FP3) by the settlement level of Sp /dp = 7%. Contrarily,

capped pile CP1 displays a hardening external load trend up to Sp /dp ≈ 8%, as heading, shaft,

and base load do not reach an asymptotic value. This has implications on tunnelling effects, as

discussed in Section 4.3.

To obtain insights into capped pile response to external loading, Fig. 4.3 compares the load-

settlement curves of tests on raft (R1), reference piles (P1, P3.WL1 before tunnelling), and

capped piles (CP1, CP2.WL1 before tunnelling). In the absence of a rigid tunnel, Fig. 4.3(a)

shows that the load-settlement curve of the capped pile CP1 is similar to P1 during the initial

stages of loading (external load < 2.5 MN), whereas at higher loads CP1 overlaps nearly with the

raft R1. This is due to pile shaft resistance of capped pile CP1 being dominant over insignificant

heading load at small settlements, whereas the heading load withstands a large portion of the

external load at settlements greater than 7%dp , as shown in Fig. 4.3(b)-(c). Additionally, the

mobilised shaft load of CP1 in Fig. 4.3(d)-(e), which was less than that for P1 up to Sp /dp =
6.7%, continued to increase with settlements reaching a value greater than the ultimate shaft

load of P1. This hardening trend of the shaft load of a capped pile is due to the cap-induced

increase of mean effective stress of the soil beneath it, thereby increasing the shaft friction

along the upper part of the pile. Consistent with this mechanism, the cap has a minor effect

on mobilised base load (compare P1 and CP1 in Fig. 4.3(f)-(g)), resulting in a base load as

a percentage of the external load at ultimate settlements being lower for capped piles than
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Fig. 4.2. External and axial forces along the pile plotted against normalised settlement during
loading

uncapped piles.

As previously mentioned, the existence of the model tunnel had an effect on the pile re-

sponse to loading (i.e. the load-settlement response of piles tested at an offset from the tunnel

didn’t match perfectly with piles tested directly above the tunnel). The use of physical models

will always incur a degree of inaccuracy with respect to the full-scale scenario under considera-

tion, so it’s important to assess the impact of these issues where possible. To assess the effect of

the rigid model tunnel (prior to tunnel volume loss) on pile load response, results from P3.WL1

and CP2.WL1 in the presence of the tunnel are compared with tests P1 and CP1 without it. At a

given load, the pile in test P3.WL1 (above the rigid tunnel) tended to settle more than in test P1

(Fig. 4.3(a)); this is consistent with observations in Song and Marshall (2021), who suggested

that the rigid model tunnel may have moved slightly during spin-up. However, from Fig. 4.3(d)

it is clear that the base load of test P3.WL1 is consistent with P1, but Fig. 4.3(c) shows that
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Fig. 4.3. Response to external loading of piles: (a) external load, (b) heading (cap) load, (d)
shaft load, (f) base load, and their percentage to the external load where applicable (c), (e), (g)

shaft resistance is reduced. It is likely that the existence of the rigid model tunnel induced

some stress arching within the soil above it, acting to reduce the soil mean effective stresses and

thereby reduce the shaft capacity of pile P3.WL1 compared to P1. When comparing capped

pile tests CP1 and CP2.WL1, the overall external load response in Fig. 4.3(a) for these tests

was very similar, despite some discrepancies in Fig. 4.3(b) between the distribution of heading

(cap) loads. Again, this is likely due to the presence of the rigid model tunnel in test CP2.WL1.

The main parameter used in further data interpretation is the pile external load at a normalised

settlement of 7%, which was similar for tests of a given pile type (e.g. tests P1 and P3.WL1

(Fig. 4.3(a)), hence the consequence of the discrepancies caused by the existence of the rigid
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model tunnel were deemed to be acceptable within the context of the aims of this study.

The response to loading of friction pile FP3 is shown in Fig. 4.3. Whilst not as effective

as envisioned, the soft base still reduced the base load, causing a greater shaft load ratio (50–

60 % for friction piles at Sp /dp = 7%, compared to 40 % in test P1) and base load of friction

piles being fully mobilised during centrifuge spin-up (see marginal base load increases occurred

during pile loading in Fig. 4.5). Similar to capped piles, the effect of the rigid model tunnel is

once again seen with differences in axial forces of friction piles 150 mm away from (FP1-2) and

above (FP3 and FP4.WL1) the tunnel. In particular, the shaft reduction was more significant for

friction piles above the tunnel compared to the reference piles, since no additional base capacity

could be mobilised in the friction piles. To avoid discrepancies when analysing tunnelling tests

against loading tests, loading response is characterised from tests of piles directly above the

rigid tunnel.

4.2.2 Pile settlement and axial force during pre-tunnelling loading

Next, pre-tunnelling service loading results from tunnelling tests are discussed. Fig. 4.4 plots

external load versus normalised settlement data resulting in pile axial force N profiles in Fig. 4.5.

0 1 2 3 4 5 6

0

2

4

6

8

10

P3.WL1

P4.WL0.8

CP2.WL1

CP3.WL0.8

CP4.WL0.6

FP4.WL1

FP5.WL0.7

CFP1.WL0.7

Fig. 4.4. Pile external load versus normalised settlement during pre-tunnelling loading

In these figures, there is good consistency between tests with the same foundation type (i.e.

P3.WL1 consistent with P4.WL0.8, CP2.WL1 consistent with CP3.WL0.8 and CP4.WL0.6,
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Fig. 4.5. Changes in pile axial force of capped and uncapped (a) reference and (b) friction piles
before and after pre-tunnelling loading

etc) while the changes in response are according to expectations (i.e. for a given load, capped

piles settle less than their un-capped equivalents; friction piles settle more than reference piles).

In addition, pre-tunnelling service loads were noted to cause a shaft stress reversal, changing

from negative shaft friction after centrifuge spin-up to positive friction after the application of

service loads, creating a sensible load profile that generally agrees with expectations. However,

from a design perspective, it should be noted that the proportion of load taken by the pile

base was considerably higher than typically expected for a capped pile, which may have a

serviceability settlement criteria of 1-2% of pile diameter (Poulos, 2001), which would not

mobilise significant levels of base resistance. As such, the test procedure produced pile loading

conditions which should be considered as conservative in the context of tunnel-pile interaction,

since tunnelling will mostly impact the pile base capacity.

As the service load on a pile was increased (increasing WL; i.e. P4.WL0.8 to P3.WL1 and

CP4.WL0.6 to CP2.WL1), the additional applied load was mainly mobilised as shaft friction

in the middle (3.6-6.3 m) and lower (6.3-8.7 m) parts of the shaft and, where applicable, as

cap (heading) load. In other words, prior to tunnelling, shaft and, where applicable, cap loads

represent a greater ratio of the load distribution for heavily loaded piles (higher W L) compared

to more lightly loaded piles.
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4.3 Pile response to tunnelling

4.3.1 Pile settlement during tunnel volume loss

Fig. 4.6 shows the normalised pile settlement STun
p /dp versus tunnel volume loss Vl ,t along

with greenfield settlements SGF at the depth of the pile tip and the ground surface, which were

measured at the front acrylic wall.
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Fig. 4.6. Normalised pile settlement versus tunnel volume loss: (a) reference and friction piles
and (b) capped (friction) piles

The results are discussed with respect to knowledge from literature. Tunnelling-induced

settlements in Fig. 4.6 of all uncapped piles are greater than the greenfield surface and sub-

surface (pile base level) settlements. This is consistent with previous centrifuge tests of non-

displacement piles having SF = 1.5−2.5 (i.e., W L = 0.7-0.4) in loose sand (Franza and Marshall,

2019a). Therefore, analytical interaction models (Korff et al., 2016) and literature review data

(Mair and Williamson, 2014) that indicated pile settlements to be similar to the greenfield set-

tlement at the pile tip for large base-to-external load ratio may lead to underestimation of pile

settlements in sands (see Figs. 4.7 and 4.8). For uncapped piles (see Figs. 4.9-4.10), the changes

of the distribution of mobilised shaft friction of piles in all tests show an increase in positive

friction in the upper pile portion (0.9–3.6 m depth) (except FP4.WL1) and a reduction in the

lower part (6.3–8.7 m depth). This increase in positive shaft friction is expected for tunnelling

beneath tip level when base load reduces (Lee and Chiang, 2007); on the other hand, the reduc-

tion in shaft friction in the lower part is likely due to tunnelling-induced stress relief (Marshall
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et al., 2020). The experimental results also support indications from an analytical study from

Marshall et al. (2020) that geotechnical failure is unlikely for SF > 2 (i.e., W L < 0.5).

Both uncapped friction (FP4.WL1) and reference (P3.WL1) piles having W L = 1 under-

went brittle failure (extremely large settlements) at small values of Vl ,t (< 0.5%), whereas the

reference pile with W L = 0.8 (P4.WL0.8) experienced a more gradual softening failure (with a

distinct increase in the slope of the settlement-volume loss curve, but not as severe as the brittle

cases) at a higher level of Vl ,t ≈ 2%. The friction pile with W L = 0.7 did not show signs of

equivalent ‘failure’ within the tested volume loss range.

4.3.2 Pile axial force transfer mechanism

Figs. 4.7 and 4.8 report changes of heading, shaft, and base loads, during the volume loss,

both in magnitude as well as their ratio to the external load; this describes the load transfer

mechanism between the pile and soil during the excavation. Figs. 4.9-4.10 present axial force

profiles N and average shaft friction τs between FBG locations (i.e. the difference in axial

force measured at adjacent FBG depths divided by the surface area of that segment of pile

shaft, proportional to the reciprocal of the slope of N -z in Fig. 4.9).

The available data allow, for the first time, a link to be established between the measured

load-transfer mechanism of uncapped piles (redistribution of loads between shaft and base) and

the type of geotechnical failure, as follows. For W L = 1, as shaft resistance was already fully

mobilised during pre-tunnelling loading, and because tunnelling stress relief reduces the maxi-

mum shaft resistance (through a reduction of mean effective stress around the pile shaft - note

the drop in shaft load at Vl ,t < 0.5% for P3.WL1 in Fig 4.7(b) and FP4.WL1 in Fig 4.8(b)) ad-

ditional resistance has to be mobilised at the base to withstand the service load, which requires

relatively large pile displacements and results in the brittle failure in Fig. 4.6 (see distinct in-

creases in base load in plot (c) of Figs. 4.7 and 4.8 for P3.WL1 and FP4.WL1, respectively). In

contrast, when W L < 1, if shaft resistance is not fully mobilised prior to tunnelling, a gradual

transfer of load from the base to the shaft occurs with volume loss (see gradual decrease in

base load for P4.WL0.8 in Fig 4.7(c) and FP5.WL0.7 in Fig 4.8(c)), which is accompanied by

a gradual increase in shaft load (along the main part of the shaft for P4.WL0.8 in Fig 4.7(b) and
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Fig. 4.7. Changes in axial force of reference and capped piles during tunnel volume loss

along the upper-most part of the shaft (the heading load) for FP5.WL0.7 in Fig 4.8(a)). It is

interesting that, for P4.WL0.8, the point of softening failure at Vl ,t ≈ 2% coincides closely with

a levelling off of the shaft and base load data; in other words, at this volume loss, the mobilised

shaft resistance can not increase any further, and to maintain the base load required for equi-

librium, the pile began to settle more rapidly. Also, at Vl ,t ≈ 2%, the shaft load of P4.WL0.8

and P3.WL1 converge to a similar value (Fig. 4.7(b)), indicating that the shaft resistance will

ultimately tend to a unique state regardless of the initial state of shaft load (akin to a critical

state). For FP5.WL0.7, within the tested range of volume loss, the reduction of base load (and

to some degree shaft load at Vl ,t > 2%) was accommodated by an increase in heading load;

there was no levelling off of the shaft load and the gradual softening failure was not observed.

In summary, if pre-tunnelling shaft load is fully mobilised, volume loss leads to a reduction of

shaft load and likely a brittle failure of the pile; in contrast, when the pre-tunnelling shaft load
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Fig. 4.8. Changes in axial force of capped and uncapped friction piles during tunnel volume
loss

is not fully mobilised, there may be a gradual increase of shaft load and, possibly, a gradual

softening failure.

There isn’t a significant difference between the response of the friction and corresponding

reference piles (both in the case of capped and uncapped piles), with friction piles with W L < 1

settling less than the corresponding reference piles due to smaller base-to-external load ratios. In

particular, alike tunnelling-induced settlement trends of friction and reference piles correspond

to similar load transfer mechanisms for a given W L: (i) tunnelling reduced the base load and

shaft load in the lower portion of the pile (the base load reduction, as a percentage of external

load, was greater for the reference pile), resulting in an increase in shaft load in the upper

portion of the pile for reference pile P4.WL0.8 and friction pile FP5.WL0.7. Note that the

strain hardening shaft load response noted previously for P4.WL0.8 (linked to the softening

failure of the pile) is only evident within the upper-most portion of the friction pile (heading
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load in Fig. 4.8(a)). The similar trends for friction and reference piles under the same working

load level are not overly surprising given the fact that the proportion of load carried by the base

was not significantly different (because the polystyrene tip was not as effective as intended, as

mentioned previously).
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Fig. 4.9. Pile axial force during tunnel volume loss

Next, the response of capped piles is discussed. Fig. 4.6 shows that all capped piles (in-

cluding reference and friction) at varying W L levels settled nearly linearly with tunnel volume

loss and slightly more than subsurface greenfield movements, with minimal influence of the

working load level on resulting settlements. The pile caps prevented all forms of pile failure

and, for W L < 1, slightly decreased settlements compared to corresponding uncapped piles.

Figs. 4.7-4.8 demonstrate that the cap prevented geotechnical failure by (i) mobilising surface
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Fig. 4.10. Pile average shaft friction during tunnel volume loss

contact pressure (increase in the magnitude and percentage of load carried by the cap (head-

ing load)), (ii) by increasing mobilised shaft friction in the upper and middle portions of the

pile (mainly in the middle portion in Figs. 4.9-4.10; explained next), and thus (iii) reducing the

magnitude and percentage of load carried by the base (where greenfield settlements are largest;

particularly for reference piles with no soft base). The change in pile axial force N and shaft

resistance τs with tunnel volume loss are provided in more detail in Figs. 4.9-4.10. The av-

erage vertical shear stress within a segment of a pile (related to the reciprocal of the slope of

the axial force data) is informative in understanding how shaft loads move during volume loss.

Considering Figs. 4.9-4.10 and focusing on piles and capped piles with a consistent WL (for

example compare: P3.WL1 with CP2.WL1; P4.WL0.8 with CP3.WL0.8; also FP5.WL0.7 with
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CFP1.WL0.7), in the upper-most portion of the pile shaft, the increase in shaft friction during

tunnel volume loss for both reference piles and capped piles is about the same, i.e. the effect of

the cap does not seem to be significant (due to the combined effect of enhanced confining stress

and reduced relative soil-pile displacement). At the mid-depth region of the pile, however, the

capped piles show a more significant increase in resistance than the reference piles.

Again, it is interesting to observe that, for CP3.WL0.8, where shaft load levels off at

Vl ,t > 1.5% (Fig. 4.7(b)) and base loads continue to decrease (for P4.WL0.8 this trend resulted

in softening failure of the pile), we see that the cap (heading) load increases to maintain equilib-

rium and effectively prevent any geotechnical failure (this does require some additional settle-

ment to mobilise the cap resistance, as shown in Fig. 4.6(b)). For CP2.WL1, where the equiv-

alent uncapped pile P3.WL1 experienced brittle failure at a low value of Vl ,t < 0.5%, the cap

(heading) load is noted to increase significantly right from the start of volume loss (Fig. 4.7(a))

to accommodate the loss of base load (Fig. 4.7(c)), which could not be taken by the shaft since

it had already fully mobilised its resistance (constant shaft force in (Fig. 4.7(b)). For the higher

W L = 0.6 with CP4.WL0.6, the loss of base load in Fig. 4.7(c) is observed to be taken solely

by the shaft load (Fig. 4.7(b)), which does not level off during the range of volume loss; no

appreciable increase in cap load is noted in Fig. 4.7(a) since pile shaft resistance is mobilised

for smaller settlements compared to the bearing resistance beneath the cap.

4.3.3 Discussion of pile head-to-greenfield surface settlement ratio

For quick risk assessments, engineers relate tunnelling-induced pile head settlement to surface

greenfield movements using the settlement ratio R = STun
p /S0

GF . For both drained and undrained

conditions, field trials indicated a settlement ratio for piles directly above the tunnel greater than

unity (Kaalberg et al., 2005), as confirmed by centrifuge tests of uncapped piles (among others,

Williamson et al. (2017) and Franza and Marshall (2019a)).

To characterise the behaviour of capped piles, settlement ratios R from all tunnelling tests

are as shown in Fig. 4.11, along with uncapped reference piles NSF1.5 and NSF2.5 in loose

sand from Franza and Marshall (2019a) having W L = 0.7 and 0.4 (equivalent to the reference

pile from this study). These outcomes are interpreted within Fig. 4.12, relating R to the risk for
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Fig. 4.12. Observed settlement ratios for
non-displacement capped and uncapped
(friction) piles in sand located directly
above a tunnel

the identified geotechnical failure types, i.e. brittle failure and softening failure. For a given

service load, the presence of the cap (i) prevents geotechnical failure associated with R > 3

and (ii) effectively reduces R of both reference and friction piles for the investigated range of

volume loss (the only exception is reference piles at small volume losses Vl ,t < 0.5%). Also,

results show a tendency of R to slightly decrease with volume loss for capped piles, in contrast

to uncapped reference and friction piles.

There is strong experimental evidence that, regardless of tunnel volume loss and even for

relatively high W L = 0.8-1.0 (as estimated from uncapped piles), the pile cap will effectively

reduce R to approximately 1.5-2.0 and prevent geotechnical failure for non-displacement piles

located directly above a tunnel, which may experience, without the cap, either softening or

brittle failure. Considering (i) test results from uncapped non-displacement piles in loose sand

(indicating R ≈ 1.1-1.2 for W L = 0.4) and (ii) the observed reduction in the settlement ratio

induced by the cap, in the absence of interaction modelling, a design value of R ≈ 1.5 is sug-

gested for both capped and uncapped piles when W L ≤ 0.4, whereas R ≈ 2 may be considered

for uncapped piles with W L ≈ 0.7, capped piles with W L = 0.7-1 (with load capacity estimated

from uncapped piles), and friction piles with W L ≤ 0.7.
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4.4 Pile load capacity after tunnel volume loss

4.4.1 Pile load capacity and axial force

Post-tunnelling load-settlement curves are studied, as shown in Fig. 4.13, to evaluate the impact

of tunnelling on the serviceability and ultimate performance of the foundations, which may be

particularly relevant in cases where building foundations are re-purposed rather than replaced.

As an operational value, post-tunnelling load capacity is estimated in Table 4.2 when the set-

tlement S∗ = Spr e−tun
p + Spost−tun

p reaches 7%dp , where S∗ is given by the sum of pre- and

post-tunnelling settlements due to change in external load F .
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Fig. 4.13. External and axial forces along the pile plotted against normalised settlement during
post-tunnelling loading

Table 4.2 compares load capacities from loading tests (piles without or above rigid tunnel)

and post-tunnelling (piles directly above tunnel). There was no reduction in post-tunnelling

load capacity of friction piles (when considering piles FP3 and FP5.WL0.7 directly above the
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Table 4.2. Comparison of pre- and post-tunnelling load capacity (defined as external load at
S∗/dp = 7%)

Reference pile Friction pile Capped pile

Pre-tunnelling load capacity (MN)
P3.WL1 FP3 CP1a

5.12 2.54 >7.26

Post-tunnelling load capacity (MN)
P4.WL0.8 FP5.WL0.7 CP3.WL0.8 CFP1.WL0.7

4.34 2.62 >7.13 >6.03
Normalised pre-tunnelling settlement 4.5%dp 3.2%dp 3.4%dp 2%dp

a CP1 was tested at an offset from the tunnel (see Table 3.4); all other piles were located directly above the tunnel.

rigid tunnel) and capped piles. On the other hand, load capacity of reference pile P4.WL0.8

decreased by 15% with respect to P3.WL1. Also, Table 4.2 confirmed the significant reduction

in capacity due to the boundary conditions from the presence of the rigid tunnel.

4.4.2 Loading-induced changes in pile tangent stiffnes

The tangent stiffness for an increment of external load (K = dF /dS∗) is plotted against nor-

malised S∗/dp for selected tests in Fig. 4.14. There is good consistency in the pre-tunnelling

loading data between equivalent pile tests (i.e. P3.WL1 matches well with P4.WL0.8; FP4.WL1

matches well with FP5.WL0.7, etc), which gives reassurance on the repeatability of tests. The

data show that tunnelling, to some degree, ‘resets’ the initial loading stiffness (i.e. the initial

post-tunnelling loading stiffness is higher than the stiffness at the end of the pre-tunnelling

loading). This is most true for the capped piles where the initial and post-tunnelling loading

stiffness profiles are very similar. The post-tunnelling stiffness of the capped piles also main-

tains a reasonable value at larger settlements, whereas the stiffness of the uncapped piles all tend

to zero as S∗/dp approaches 10%. For the friction pile FP5.WL0.7, the initial post-tunnelling

stiffness increased the least compared to the stiffness at the end of pre-tunnelling loading, but

gradually tended to an ultimate, near-zero, value at S∗/dp = 10%. In contrast, for the reference

pile P4.WL0.8, the post-tunnelling stiffness rapidly reduced to a near-zero value at S∗/dp ≈ 6%,

which was notably lower than the stiffness of P3.WL1 at the same settlement.

In summary, for non-displacement piles, there is the possibility of a slightly negative impact

of tunnelling on the post-tunnelling stiffness (and capacity) of piles that rely on base resistance,
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Fig. 4.14. Tangent stiffness of (a) reference piles, (b) friction piles, and (c) capped friction piles
in loading tests (up plots) and in pre- and post-tunnelling loading tests (low plots)

whereas for piles with a cap that is in contact with the surface, the pre- and post-tunnelling

responses are nearly identical. Also, Song and Marshall (2020) observed a post-tunnelling

capacity for displacement piles in dense sand similar to that of greenfield pile-jacking. Conse-

quently, for both displacement and non-displacement piles, assessments of tunnelling beneath

piles in sand should primarily concern induced settlements (rather than post-tunnelling bearing

capacity). For instance, the analytical method from Marshall et al. (2020) could be used to

estimate risk for geotechnical failure in terms of settlements only.

4.5 Summary

This chapter presented data from geotechnical centrifuge tests of tunnelling beneath loaded non-

displacement piles and focused on the effect of a pile cap (representative also of a raft or grade

beam) in contact with the soil surface. Results from 16 centrifuge tests in dry dense sand were

presented, including loading tests to ascertain the foundation capacity and load-displacement

response in the absence of a tunnel, and tunnelling tests in which ground loss from a model tun-

nel occurs directly beneath the foundation. Individual ‘reference’ pile response is compared for

cases with and without a pile cap, including pile displacements and load distributions between

the head, shaft, and base; the case of ‘friction’ piles with a compressible foam base are also
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considered. Uncapped piles experience ‘geotechnical failure’, undergoing large settlements or

a significant increase in settlement rate with tunnel volume loss in order to mobilise further base

or shaft resistance to achieve vertical equilibrium under the applied load. Test results are used

to quantify the beneficial effect of the pile caps in reducing settlements compared to uncapped

piles and, importantly, preventing geotechnical failure of both reference and friction piles, even

when the applied load approaches the uncapped pile capacity. It is also demonstrated that pile

caps improve the post-tunnelling foundation performance, providing higher post-tunnelling tan-

gent stiffness for both friction and reference piles. The chapter provides valuable quantitative

evidence to allow engineers to confidently consider the beneficial role of pads/grade beams/rafts

in contact with the surface on both the serviceability and ultimate performance of pile founda-

tions during, and subsequent to, tunnelling.



Chapter 5

Verification and application of CCNM

testing approach in tunnelling under

masonry walls

In many cities, tunnel excavation often occurs beneath low-rise masonry buildings with shallow

foundations. The resulting ground movements can cause deformations and stress redistribution

in the overlying structures. An accurate estimation of the impacts of tunnelling on masonry

buildings on shallow foundations is therefore imperative.

Researcher relating to the tunnel-masonry building interaction problem often makes use of

small-scale physical models, or full-scale numerical models. Physical models at 1 g (where g

is gravity) provide indications of some important relationships and trends in tunnel-masonry

building interactions, yet the direct applicability of results to the full-scale is questionable be-

cause of the mismatch in ground stress conditions, which affects soil behaviour (i.e., 1 g model

stresses are much lower than full-scale conditions) (Giardina et al., 2012; Nghiem et al., 2014;

Al Heib et al., 2020). Centrifuge models at elevated gravity levels provide a more realistic

reproduction of full-scale ground stress conditions, benefiting from the reduced model dimen-

sions and controlled laboratory environment (Ritter et al., 2017, 2018). Centrifuge models,

however, necessitate certain simplifications, in particular in relation to the structural details,

varying from beams and plates (Mair, 2013; Farrell et al., 2014) to 3D printed miniature build-

130
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ings (Ritter et al., 2018). Numerical models are capable of reproducing many detailed aspects

of the construction and material complexities involved in real tunnelling projects (Burd et al.,

2000; Yiu et al., 2017; Miliziano and de Lillis, 2019). Nonetheless, the reliability/fidelity of

numerical modelling results is difficult to verify unless corresponding experimental/full-scale

data are available.

Hybrid tests are a form of the substructure approach (Blakeborough et al., 2001) and can

combine the strengths of both physical and numerical modelling by analysing, within the re-

spective physical/numerical domain, the part of the problem that is best suited to that do-

main, with data being transferred between models at a shared boundary (Kong et al., 2015).

For tunnel-building interaction problems, a real-time hybrid testing method known as coupled

centrifuge-numerical modelling (CCNM) was developed at the University of Nottingham Cen-

tre for Geomechanics (NCG) (Idinyang et al., 2018, 2019). This technique has, to now, been

applied to the study of elastic framed buildings on piled foundations, where the tunnel, soil, and

piles were modelled in the centrifuge, and the framed building was modelled numerically, with

data of pile vertical displacements and loads shared between the two model domains (Franza

and Marshall, 2019a; Song and Marshall, 2020).

This chapter presents the verification and application of the recent novel developments of

the CCNM technique which allows testing of a continuous shallow foundation (strip founda-

tion) along with a more accurate (compared to elastic) nonlinear representation of the structure.

Results from eight geotechnical centrifuge tests (see Table 5.1, which is the same as Table 3.6 in

Section 3.3), including one greenfield tunnelling test, five CCNM tests, and two ‘conventional’

constant building dead load tests, are presented to investigate tunnel-masonry wall interactions

under plane strain conditions. In the updated CCNM method, masonry walls are simulated

using the concrete damage plasticity (CDP) constitutive model in the finite element (FE) nu-

merical simulation software Abaqus (Simulia, 2014), while the centrifuge model includes the

soil, tunnel, and a strip foundation. The chapter summarises the treatment of data shared at the

continuous foundation interface between the experimental domain (controlled by Labview) and

the numerical domain (Abaqus). Two masonry wall schemes (with 0 and 19% openings) and

four wall-to-tunnel positions (with the wall moving from directly above the tunnel to where one
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side of the wall is located directly above the tunnel) are considered. The chapter first provides

test results demonstrating the significance of wall stress redistribution (from CCNM tests) com-

pared to the ‘conventional’ centrifuge tests where a constant wall dead load is applied. Results

from the CCNM tests are then used to investigate the effect of the wall-to-tunnel eccentricity,

including a demonstration of the level of load redistribution that occurs with the wall for the

eccentric cases, an evaluation of wall distortion and damage parameters, and, by examining

the contribution of settlements caused by bending and shear, providing insights into how the

masonry wall response, due to the adopted non-linear CDP model, evolves during the tunnel

volume loss process.

Table 5.1. Test summary

No. Label a Testing method e/L b

1 GF / /

2 H8.5O0* Constant load 0

3 H8.5O0 CCNM 0

4 H8.5O19* Constant load 0

5 H8.5O19 CCNM 0

6 H8.5O19 CCNM 1/6

7 H8.5O19 CCNM 1/3

8 H8.5O19 CCNM 1/2
a GF: greenfield; H: height; O: % of opening
b e: tunnel-wall eccentricity; L: wall length
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5.1 Comparison between CCNM and ‘conventional’ constant

dead load method

To quantify the effect of load redistribution within the wall on tunnelling-induced wall settle-

ments and distortions, data from ‘conventional’ constant load tests (indicated with an ∗; see

Table 5.1) and the CCNM tests are presented in this section; only cases where the wall was

located directly above the tunnel (eccentricity e = 0) are used. Note that all results are presented

in prototype scale unless otherwise stated.

5.1.1 Loads and displacements

Fig. 5.1 presents data from both the centrifuge (i.e. foundation) and numerical model (i.e.

wall base) domains at a tunnel volume loss of Vl ,t = 2.2%, including (a) the load distribution

along the foundation and wall base, and (b) the settlement of the foundation and wall base;

greenfield (GF) settlements from a separate centrifuge test are also included for reference. Note

that in Fig. 5.1(a), the 7 centrifuge load magnitudes are much larger than the 50 Abaqus loads

because the centrifuge values are obtained by summing up the loads from nodes close to the

centrifuge load actuation points. The settlement profiles along the wall base in Abaqus (fitted

using LVDT data; Fig. 5.1(b)) are consistent with the foundation settlement profiles from the

centrifuge LVDT measurements (PIV data was also checked to verify readings;see Fig. 5.2).

It was assumed that no gaps formed between the bottom of the foundation and the soil surface

(due to not reaching the uplifting force threshold from actuators to pull up the foundation within

centrifuge).

The model foundation in the centrifuge, through its bending stiffness, will distribute the

load from the seven actuators to the underlying soil, the aim being to achieve a load profile in

the underlying soil that is similar to the wall base load profile from Abaqus. The settlement

profile in Fig. 5.1(b), to some degree, gives confidence that this is achieved. The load data in

Fig. 5.1(a), noting that the initial loading in the CCNM tests (H8.5O0 and H8.5O19) is the same

as the data plotted for the constant load tests (H8.5O0* and H8.5O19*), shows that, as a result of

wall distortions caused by tunnelling ground movements, wall load is generally transferred from
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Fig. 5.1. (a) Load and (b) settlement at the interface between the centrifuge (7 positions) and
numerical model (50 nodes) domains at Vl ,t = 2.2% for walls with e/L = 0

the centre of the foundation towards its ends. This load redistribution has a notable effect on the

foundation settlements, as shown in Fig. 5.1(b), where the settlement at the foundation centre is

reduced in the CCNM tests compared to the constant load tests, and the relative displacements

between the foundation centre and its ends are reduced. Fig. 5.1(b) also demonstrates that the

modified Gaussian curve fitted to the seven data points from the centrifuge settlement gives a

sensible input of settlements at the 50 nodes along the base of the wall in the Abaqus model (for

the central cases with e/L = 0). There is some asymmetry of settlements to the left and right

sides of the tunnel, however this level of variability is typical for these types of centrifuge tests.

Fig. 5.2 presents settlement profiles at the foundation base level at Vl ,t = 2.2%. The founda-

tion PIV result for H8.5O0* is not included (also for Fig. 5.3) because, in that test, there was

insufficient texture on the front face of the model foundation to obtain accurate PIV measure-

ments (a white background with black dots was subsequently painted onto the foundations; the

textured foundation is displayed in Fig. 3.12(b)). Foundation settlements were measured using

LVDT (solid star) and PIV technique (hollow circle), showing good agreement. The settlement

profiles of the wall base and the foundation should ideally match, thus the fitted settlement pro-

files (solid curves, fitted by LVDT data), which also align well with PIV-measured foundation
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settlement troughs, were applied to the wall base in Abaqus. The foundation settlement appears

marginally greater than the corresponding surface settlement (dashed curves) because the strip

foundation model did not completely contact the inner face of the acrylic wall of the strongbox

thereby preventing the sand settlement near the acrylic wall, which often happens in such tests.
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Fig. 5.2. Vertical displacements at foundation base level at Vl ,t = 2.2%

Fig. 5.3 illustrates the PIV-measured horizontal displacements of both the foundation and

the underlying soil at Vl ,t = 2.2%, as well as the greenfield (GF) surface data. The foundation

result for H8.5O0* is not included for the same reason as Fig. 5.2(c): in that test, there was

insufficient texture on the front face of the model foundation to obtain accurate PIV measure-

ments (a white background with black dots was subsequently painted onto the foundations; the

textured foundation is displayed in Fig. 3.12(b)). In contrast to the greenfield scenario, the

soil surface horizontal displacements are noticeably reduced by the effect of the foundation.

The foundation horizontal displacements, compared with foundation settlements in Fig. 5.1(b)
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and Fig. 5.2, are relatively small, as expected for the continuous foundation applied in these

tests (consistent with Farrell et al. (2014), Xu et al. (2020b)). Ideally, horizontal displacements

would be measured and controlled in the same way that vertical displacements are, however

this is beyond the current capabilities of the experimental equipment (note that the image-based

measurements of horizontal displacements in Fig. 5.3 can not be acquired quickly enough to

integrate within the CCNM control program; a discussion of this limitation was provided in

Section 5.3).
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Fig. 5.3. Horizontal displacements at foundation base level at Vl ,t = 2.2% for walls with e/L = 0
(excluding foundation data of H8.5O0*)

5.1.2 Wall deformation and damage assessment

The wall tensile strain εt induced by tunnelling at Vl ,t = 2.2% is provided in Fig. 5.4 for CCNM

and constant-load (∗) tests of walls directly above the tunnel (e/L = 0). The values of εt for

the constant-load tests were obtained by applying the measured foundation settlements to the

Abaqus wall models after the centrifuge tests. Included in Fig. 5.4 are values of characteristic

strain εt
99, which is the maximum tensile strain that is not exceeded in 99% of the total area of

the masonry wall, as adopted by Yiu et al. (2017) and Yu (2024); values reported here are of

similar magnitude to those in Yu (2024) where a similar wall was modelled. Finally, the damage

category of each bay, defined according to Mair et al. (1996) based on limiting tensile strains,

is included (0-1 negligible to very slight, 2 slight, 3 moderate, 4-5 severe to very severe), as
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well as the area of the wall experiencing moderate damage or above (indicated as % Mod. D.,

defined as εt > 1500µε).

Fig. 5.4. Distributions of max principal strain (tensile strain) and wall damage assessment at
Vl ,t = 2.2% for walls with e/L = 0 (gray dashed lines represent the tunnel centreline CL, and
inflection points of greenfield surface iGF and wall base settlements iBl d g )

Regions with the highest magnitude of tensile strains are observed in the vicinity of the

lower parts of the wall centre, predominately within the sagging region (the greenfield inflection

point is noted to be i ≈ 5 m; see also Fig. 5.8(b)) and, for the wall with openings, around the

door and windows in the central region. Note that, due to some asymmetry of the numerical

mesh adopted within Abaqus, the strain profiles are not perfectly symmetric. For all tests,

the size of the regions experiencing large strains and the magnitude of characteristic strain is

greater in the constant load tests (∗) compared to the CCNM tests. For example, εt
99 is 10130µε

for H8.5O0∗ and 4720µε for H8.5O0; the constant load test increased εt
99 by 115%. For the

H8.5O019 wall, εt
99 was increased by 144% in the constant-load test compared to the CCNM

test (from 5160µε to 12610µε). For the wall without openings, the effect of the constant-load

test on the damage level and the percentage of the wall experiencing moderate damage or above

(Mod. D.) is marginal, however for the wall with openings, Mod. D. is increased from 15% to

23% and the damage category is increased from 3 to 4 in bays 2 and 4 (refer to Fig. 3.18 for
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bay numbers).

These outcomes demonstrate that the use of constant dead loads in these types of tests will

overestimate the extent and/or severity of damage in masonry walls, highlighting the novelty

and value of the advanced CCNM tests.

5.1.3 Soil shear strains

To further investigate the differences between the ‘conventional’ constant-load tests and the

CCNM tests, Fig. 5.5 plots the distribution of engineering shear strain γ obtained from the PIV

analyses. The distributions of shear strains are roughly consistent across the different cases,

in particular around the tunnel at greater depth. However, soil shear bands near the surface

exhibit different phenomena under these two test methods. Specifically, the constant dead load

method (H8.5O0*, H8.5O19*) generates more continuous shear zones near the surface (beneath

the foundations), whereas the CCNM method (H8.5O0, H8.5O19) shows more discontinuous

shear regions due to the changes in applied loads. These variations in foundation loads and shear

strain magnitudes will affect the response of the soil; as a result the CCNM method achieves

a more realistic simulation of the tunnel-wall interaction scenarios than the constant dead load

method. The issue of under- or over-estimating building damage/deformation associated with

conventional methods (for example, assuming a fully flexible building (Franza and Marshall,

2018) or estimating building stiffness by simplified physical modelling (Xu et al., 2020b)) are

overcome through real-time adjustments of wall loads (as a function of the wall/foundation

scheme and wall material properties) in the CCNM method.

5.2 CCNM results including eccentric scenarios

5.2.1 Global wall deformation and damage assessment

This section provides further experimental data from the CCNM tests, which have been demon-

strated to provide a more accurate simulation of the tunnel-masonry wall interactions than

constant-load tests, for the wall with openings (H8.5O19; considered to be of more practical rel-
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Fig. 5.5. Soil engineering shear strains at Vl ,t = 2.2% (the global scene is symmetrical about the
tunnel centreline)

evance than the wall with no openings) for varying relative tunnel-wall positions (0 ≤ e/L ≤ 1/2;

refer to Fig. 3.18). These data may provide a reference for risk assessments or for verification

of related numerical modelling studies. Displacements below a tunnel volume loss of approxi-

mately 0.2% were very small and caused scatter within results; for this reason only data above

Vl ,t = 0.2% was used.

Fig. 5.6 shows the distribution of applied loads (in prototype scale) at the seven actuator

positions along the strip foundation at Vl ,t = 2.2%. In addition, the locations of the greenfield

surface and wall base inflection points are indicated with a dashed line marked iGF and iBl d g ,

respectively. Consistent with the observation for the symmetric case (e/L = 0), for the cases

where e/L > 0, the foundation load above the tunnel reduces as a consequence of the ground

movements caused by tunnel volume loss and is shifted towards the ends of the wall (in order to

maintain equilibrium); the exception to this is e/L = 1/2 where the edge of the wall is directly

above the tunnel. In general, the foundation load is reduced around the sagging areas and in-

creased in hogging areas; this general trend is not always observed due to the effects of building

rotation, for example on the left edge of the e/L = 1/3 wall which shows an increase in load in

the sagging zone caused by the rotation of the wall driving the wall corner into the soil. The

data in Fig. 5.6 demonstrate that, similar to the symmetric case, the changes in load that occur

during tunnel volume loss are significant for the eccentric building cases, again demonstrating

the value of the CCNM technique.
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Fig. 5.6. Load distribution on the foundation (7 positions) at Vl ,t = 2.2% (gray dashed lines
represent inflection points of greenfield surface iGF and wall base settlements iBl d g )

Fig. 5.7 exhibits the load distributions of nodes along the wall base in Abaqus at Vl ,t =
2.2%. Compared with the loads applied by the actuators Fig. 5.6 (each force represents the

sum of several nearby node forces), these node loads show more complex changes caused by

wall deformation. However, the stresses transmitted from the wall to the ground through the

foundation are usually relatively continuous and uniform, and the actuator forces are expected

to achieve this effect after being transmitted to the ground through the foundation.

Fig. 5.8(a) presents settlement profiles of the wall base at Vl ,t = 2.2%. Due to the wall length

(L/D t = 3.2, where D t is the tunnel diameter), settlement patterns are primarily influenced by

either sagging or hogging regions. As the wall becomes further away from the tunnel with e/L

increasing from 0 to 1/2, the dominant interaction gradually transitions from sagging to hog-

ging. Additionally, the more eccentric cases give relatively higher levels (but still very small)

of foundation horizontal displacements (see Figs. 5.9-5.10 for detailed vertical and horizontal

displacements).

Fig. 5.8(b) displays the horizontal distance from the tunnel centreline to the inflection point
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Fig. 5.7. Load distribution at wall base (50 nodes) at Vl ,t = 2.2% (gray dashed lines represent
inflection points of greenfield surface iGF and wall base settlements iBl d g )

i of the greenfield surface or wall base settlement profile as it relates to tunnel volume loss. In

all cases, a gradual reduction of i with increasing tunnel volume loss is observed (consistent

with Marshall et al. (2012), Franza et al. (2019)). Note that for e/L = 0, at volume loss < 0.7%,

the wall base settlements did not exhibit an inflection point (i.e. only sagging deformations

were measured), hence no data is included in Fig. 5.8(b) for this range of Vl ,t . The inflection

point of the wall tends to be greater than the greenfield surface settlement, in particular for

e/L = 0 and 1/6; the inflection point moves closer to the tunnel as e/L increases (consistent

with numerical results by Zhao et al. (2019)). Interestingly, for e/L = 1/2, the inflection point

of the wall base is relatively consistent with the greenfield values. The magnitude of i is noted

to decrease faster for e/L = 0 than for e/L = 1/6; this is likely due to the higher levels of strains

and damage induced within the wall with e/L = 0 (illustrated later with Fig. 5.12), making the

wall relatively more flexible.

Based on Fig. 5.8(b), the masonry walls can be divided into sagging and hogging re-

gions. Fig. 5.11 shows the ratio of wall to greenfield hogging/sagging length M L,hog /sag =
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Fig. 5.8. (a) Wall base settlement profiles at Vl ,t = 2.2% and (b) horizontal distance from tunnel
centreline to wall base inflection point i against tunnel volume loss

Lhog /sag ,Bl d g /Lhog /sag ,GF , which was also adopted by Franza et al. (2020b). The ratios M L,hog

generally increase with eccentricity (i.e. M L,hog is lowest for e/L = 0 and highest for e/L = 1/2);

the ratios of M L,sag correspondingly tend to decrease with increasing eccentricity. These trends

are consistent with the outcomes of elastic continuum solution analyses from Franza et al.

(2020b), however the outcomes provided here are additionally affected by soil and wall non-

linearity, as well as the shear deformability of the wall (note that Potts and Addenbrooke (1997)

suggested that M L = 1 should be adopted for structures deforming in pure shear; as illustrated

in Table 3.7, the walls in this study are characterised by a mixed bending and shear response).

The ratios M L,hog /sag generally stabilise after Vl ,t ≈ 1%, except for M L,hog with e/L = 0. These

results may provide a useful reference when directly using greenfield data within wall risk as-

sessments, or for validation of further analytical/numerical studies which, for example, could

focus on the effects of shear deformability on M L, as suggested by Franza et al. (2020b).

Fig. 5.12 illustrates the distribution of tensile strains within the walls; as before, the char-

acteristic tensile strain ϵ99
t , damage category for each bay, and amount of the wall experiencing

moderate damage or above (% Mod. D.) is provided. As the tunnel-wall eccentricity increases,

both εt
99 and % of Mod. D. first decrease, reaching minimum values at e/L = 1/3 where the
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Fig. 5.9. Vertical displacements at foundation base level at Vl ,t = 2.2%
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Fig. 5.10. Horizontal displacements at foundation base level at Vl ,t = 2.2%
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Fig. 5.11. Ratio of wall to greenfield hogging/sagging length M L,hog /sag against tunnel volume
loss: (a) hogging and (b) sagging

maximum damage level is category 2, then increase slightly at e/L = 1/2 where bays 3 and 4

experience a moderate damage category 3, but only 3% Mod. D (consistent with Amorosi et al.

(2014), Yiu et al. (2017), Burd et al. (2022), Yu (2024)). The regions of high-magnitude tensile

strains are observed near the centre and lower part of the wall when e/L < 1/3, while these areas

shift to the upper parts of the wall when e/L > 1/3; the most severe strains are noted to occur

near the middle of either sagging (for e/L = 0 and 1/6) or hogging (for e/L = 1/2) regions.

For e/L = 1/3, the centre of the wall coincides closely with the wall base and greenfield

inflection points (i ≈ 6-8 m, gradually decreasing with tunnel volume loss; see also Fig. 5.8(b));

because of the wall length and position, it does not experience the most ‘extreme’ effect of

either of the sagging or hogging zones, explaining why wall strains are lowest for this case.

Fig. 5.13(a) shows how deflection ratios DR in sagging and hogging change with tunnel

volume loss; Fig. 5.13(b) presents this data using the modification factor M DR (Eq. 2.25) for

Vl ,t ≥ 0.2%. The hogging region for e/L = 0 and the sagging region for e/L = 1/2 are omitted

as they experienced very low levels of curvature and the M DR values are not entirely reliable.

Both sagging and hogging deflection ratios exhibit relatively linear changes with tunnel volume

loss for Vl ,t ≥ 0.5% (Fig. 5.13(a)); sagging deflection ratios DRsag tend to decrease with e/L for

a given Vl ,t , whereas hogging deflection ratios DRhog increase with e/L (similar findings were
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Fig. 5.12. Distributions of max principal strain (tensile strain) of H8.5O19 with different e/L
at Vl ,t = 2.2% (gray dashed lines represent the tunnel centreline CL, and inflection points of
greenfield surface iGF and wall base settlements iBl d g )

reported by Goh (2011), Ritter et al. (2017)).
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Fig. 5.13. (a) Deflection ratios and (b) corresponding modification factors of wall hogging
(upper plot) and sagging regions (lower plot) against tunnel volume loss

Values of M DR in Fig. 5.13(b) generally exhibit a consistent pattern of increasing with tun-

nel volume loss, but unlike the values of DR, M DR tends to a constant value at higher Vl ,t ;

for sagging this levelling off occurs at Vl ,t ≈ 1%, whereas for hogging the values continue to
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increase slowly even at Vl ,t = 3%. These results reaffirm the dominance of sagging deforma-

tion in central cases (M DRsag ≈ 0.7 for Vl ,t ≥ 1%) and hogging deformation in eccentric cases

(M DRhog = 0.6−0.8 for Vl ,t ≥ 1%).

5.2.2 Local wall deformation/damage assessment

Fig. 5.14 illustrates bay top and base horizontal strains (εh,top , εh,base), relative vertical settle-

ment (Sv,tot ), slope (s), tilt (θ), and angular distortion (β), respectively, at Vl ,t = 2.2% (refer

to Fig. 2.40 for calculation processes). The horizontal strain exhibits typical patterns of top

compression and base tension when the wall is located directly above the tunnel (sagging dom-

inates; e/L = 0). As the eccentricity ratio e/L increases from 0 to 1/2, the base tensile strain

gradually shifts to compressive, while the top compressive strain gradually transitions to ten-

sile. The position of peak horizontal strain (including both top and base), typically located near

the middle of the dominant sagging/hogging region, corresponds to the wall damage location in

Fig. 5.12, i.e. the top of Bay 3 for e/L = 1/2 (Fig. 5.14(b)) and the base of Bay 3 for e/L = 0-1/6

(Fig. 5.14(a)).

The relative settlement (Sv,tot ) increases (positively or negatively, depending on the bay hor-

izontal location relative to the tunnel) from the tunnel centreline towards both ends of the wall

until reaching the vicinity of the inflection point of the wall settlement profile (approximately

1 ≤ x/D t ≤ 1.5), except for bay 1 for e/L = 1/2. Similar patterns are observed in terms of bay

slope, tilt, and angular distortion in Figs. 5.14(d)-(f).

The relationship between angular distortion β and Vl ,t is shown in Fig. 5.15. The bays

nearest the tunnel centreline (filled markers) generally exhibit relatively small angular distortion

(except for e/L = 1/3, discussed later in this paragraph). Tunnel excavation causes the inflection

point to move towards the tunnel centreline; for the central case (e/L = 0 in Fig. 5.15(a)) this

results in the angular distortion of bays 2 and 4 to increase at the greatest rate, overtaking

the values of angular distortion in bays 1 and 5 after Vl ,t ≈ 2%. For the eccentric scenarios

(0 < e/L ≤ 1/2), there is generally a consistent trend with tunnel volume loss of the bays with the

maximum value of angular distortion. There is a significant difference in the angular distortion

between the first and third bays for e/L = 1/6 and the first and second bays for e/L = 1/3



CHAPTER 5. VERIFICATION AND APPLICATION OF CCNM TESTING APPROACH
IN TUNNELLING UNDER MASONRY WALLS 147

-15

-10

-5

0

5

10

15
10

-3

-1

0

1

2

3

4

5
10

-3

-4

0

4

8

12
10

-4

-3 -2 -1 0 1 2 3

-2

0

2

4
10

-3

-3 -2 -1 0 1 2 3

-2

0

2

4
10

-3

-3 -2 -1 0 1 2 3

-12

-8

-4

0

4

8
10

-4

Fig. 5.14. Comparison of bay deformation parameters (markers represent bay centre; Bay 1-5
going from left to right, refer to Fig. 3.18): (a) top and (b) base horizontal strain (+ is tension);
(c) relative settlement; (d) slope; (e) tilt (+ is anticlockwise); and (f) angular distortion at Vl ,t =
2.2%

0 0.5 1 1.5 2 2.5 30 0.5 1 1.5 2 2.5 30 0.5 1 1.5 2 2.5 30 0.5 1 1.5 2 2.5 3

-1.5

-1

-0.5

0

0.5

1

1.5
10

-3

Fig. 5.15. Angular distortion of bays against tunnel volume loss (the filled markers represent
the bays nearest the tunnel centreline)

(where the selected two bays in each case are roughly symmetrical about the tunnel centreline),

indicating that the shorter side of the wall (relative to the tunnel centreline; within the sagging

zone) undergoes more pronounced shear distortion in the eccentric scenarios than the longer

part that spans both sagging and hogging zones. This can also explain why, for e/L = 1/3, the
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magnitude of angular distortion of the bay above the tunnel (Bay 1) is higher compared to the

other tests (mentioned earlier).

An interesting outcome that can be gleaned from this study is the effect of structural non-

linearity on the of wall response to tunnelling. This can, in part, be evaluated by considering

how the components of wall bay settlements change during volume loss. Fig. 5.16 presents the

settlement components induced by tilt, bending, and shear behaviours from the bay total relative

settlement (Fig. 5.14(c); refer to Fig. 2.41 for calculation processes). The primary component

of vertical displacement of bays is due to tilt (note the y-axis scale in Fig. 5.16(a) compared

to (b) and (c)). The bays that experience more bending settlement are located near the tunnel

centreline for cases where the wall centreline is close to the tunnel (Bay 3 for e/L = 0, Bays

2-3 for e/L = 1/6); for the eccentric case e/L = 1/2, bending occurs outside of the inflection

point in the hogging zone (Bay 3). Shear induced settlements are less affected by e/L, as bays

at the same position, for example at positions 1⃝- 4⃝, exhibit similar shear induced settlements.

Shear induced settlements increase from tunnel centreline towards both sides until reaching the

inflection points, and then decrease to 0 before increasing again. These trends are consistent

with Fig. 5.14(f).
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Fig. 5.16. Composition of the total settlement of bays at Vl ,t = 2.2%: (a) tilt, (b) bending, and
(c) shear-induced settlement (numbered items relate to Fig. 5.17)

Going further, it is also informative to consider the wall deformation parameters (as a means

of understanding the predominant deformation mode: bending or shear) in contrast to the de-

gree of plasticity of the wall. Fig. 5.17 presents the value Fbay (refer to Fsag /hog in Eq. 2.30),
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Fig. 5.17. Coefficient Fbay (proportional to the ratio of bay shear-to-bending settlement; upper
plots) and ratio of equivalent plastic strain area (PEEQ) against tunnel volume loss (lower plots)
from tunnel centreline in (a) outwards in (b)-(d) (i.e. position 1⃝- 4⃝ in Fig. 5.16(b)-(c), where
position 3⃝ is approximately on the wall inflection points)

which is proportional to the ratio of shear-to-bending settlement of bays at position 1⃝- 4⃝ in

Fig. 5.16(b)-(c), along with the proportion of equivalent plastic strain area (PEEQ) within each

bay and the entire wall (i.e. the percentage of the bay/wall that has yielded; obtained from

the Abaqus model) as they relate to Vl ,t . Bays closer to the tunnel (i.e. position 1⃝- 2⃝ in

Fig. 5.17(a)-(b)) exhibit relatively obvious bending-dominated behaviour (
∣∣Fbay

∣∣< 0.04 or close

to this limit) during the entire tunnel volume loss process and a reducing trend of PEEQ with

e/L (bay PEEQ tending to exceed the overall wall PEEQ, except for Bay 1 at e/L = 1/2 in

Fig. 5.17(b)). Bays above inflection points or further from the tunnel (i.e. position 3⃝- 4⃝ in

Fig. 5.17(c)-(d)) tend to exhibit mixed bending and shear response (0.04 < ∣∣Fbay
∣∣< 1). In gen-

eral, the data shows a tendency towards shear-dominated response as volume loss increases (i.e.

the absolute value of Fbay increases with Vl ,t ). The exceptions to this trend include: Bay 2 and

3 at e/L = 1/2 (position 3⃝ and 4⃝) remain stable (mixed and bending response, respectively);

Bay 4 at e/L = 1/3 (position 4⃝) is reduced (i.e. indicating a trend towards bending response).

Position 3⃝ shows the maximum percentage of PEEQ for Bay 4 at e/L = 1/6 (with bay PEEQ
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values being higher than the overall wall PEEQ, except for Bay 5 at e/L = 0) while position 4⃝

shows a trend of increasing PEEQ with e/L (with bay PEEQ values being close to or lower than

the overall wall PEEQ). The mixed bending and shear response, the main distortion mode, of

bays is consistent with the values of Fsag /hog for sagging and hogging regions of the wall in

Table 3.7. The negative values of Fbay (composed of positive Sv,shear and negative Sv,bend ) in

Fig. 5.17 indicate that the overall settlement of these bays is reduced by the effects of bending

deformations.

The masonry wall at e/L = 1/3 exhibits minimal differences between bays in these parame-

ters in Figs. 5.14-5.16 and lowest plastic strain areas in Fig. 5.17. This provides further evidence

that short masonry walls, when subject to tunnel excavation within 0 ≤ e/L ≤ 1/2, pose the low-

est risk of damage if the spans of the sagging and hogging regions are the same in contrast to

cases of dominating by either sagging or hogging zones.

5.3 Discussion - effect of horizontal displacements in the CCNM

approach

Based on the numerical study by Yiu et al. (2017), Yu (2024) conducted a series of numeri-

cal modelling studies on tunnel-soil-masonry wall interactions under the influence of various

friction coefficients between the soil and a strip foundation (µ = 0-1; µ = 0.3 is commonly

adopted in such modellings). The scenario involved a 40×8.5×0.215 m masonry wall with

openings resting on a 1 m-wide and 0.5 m-high foundation, with the wall buried 0.5 m deep be-

low the surface, directly above an 11 m diameter tunnel (C /D t = 2.3). Yu (2024) reported that,

at Vl ,t = 1.5%, comparison of a smooth interface (µ= 0) with µ= 0.3 showed almost unchanged

wall settlements (Sv ), contact stress (i.e. pressure under the foundation base), bay top horizontal

strain (εh,top), and bay slope (s); increased horizontal sliding between foundation and surface

(the maximum value ∆Sh,max ≈ 20 mm with µ= 0 vs ∆Sh,max ≈ 15 mm with µ= 0.3), bay base

horizontal strain (maximum horizontal tensile strain in the central bays εh,base,max = 300µε with

µ = 0 vs compression strain εh,base,max = −40µε with µ = 0.3), bay tilt (maximum value θmax

increased by ≈ 78%); and reduced bay angular distortion (maximum value βmax reduced by
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≈ 12%), characteristic tensile strain (εt
99 reduced by ≈ 6%), and areas of medium damage and

above (Mod. D. reduced by ≈ 2%). The results demonstrate that ignoring soil-foundation fric-

tion with µ= 0 tends to underestimate wall shear deformations and damage areas compared to

a more realistic assumption of µ= 0.3, however the degree of underestimation is reasonable.

For this study, the continuous foundation model was relatively stiff, however no restrictions

on the horizontal movement of the wall base were imposed, hence the friction coefficient be-

tween the wall base and the top of the foundation can be considered to be zero, allowing for

sliding between the wall and the foundation. Therefore, a ‘pseudo’ smooth interface existed

between the wall and the ground surface due to the foundation’s condition. Based on the find-

ings from Yu (2024), in central cases of this study, the base horizontal strain of the central bay

was overestimated (conservative), and the angular distortion (β) representing shear deformation

could be underestimated by approximately within 10%, with minimal variation observed in the

(tensile) damaged area.

5.4 Summary

This chapter presents outcomes from a geotechnical centrifuge modelling study of tunnel-

masonry wall interaction. A hybrid modelling technique, known as coupled centrifuge-numerical

modelling (CCNM), was used, combining the advantages of centrifuge modelling (providing

accurate soil stresses/deformations and soil-foundation interactions) with those of numerical

modelling (capturing complex structural details/behaviour). A previously developed CCNM

method (for discrete loading of pile foundations) was extended to enable, for the first time, the

simulation of a continuous strip foundation beneath a masonry wall using this hybrid modelling

technique. Through a shared boundary condition between the centrifuge and numerical model,

the CCNM tests are able to accurately replicate the global tunnel-masonry wall interaction

problem. Novel aspects of this work include the consideration of the nonlinear response of the

masonry wall, which was simulated using the Concrete Damage Plasticity constitutive model,

and, by virtue of the hybrid modelling approach, accounting for the effect of load redistribution

within the masonry wall during tunnel volume loss (highlighted in the chapter by comparing
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CCNM results against ‘conventional’ constant load tests. The chapter also provides CCNM test

results which examine wall deformation/damage and soil movements for different scenarios of

tunnel-wall eccentricity, as well as insights on how masonry wall response, in terms of bending

and shearing, evolve during the tunnel volume loss process.



Chapter 6

Tunnel-soil-masonry wall interaction

mechanisms

The excavation of shallow tunnels may pose a risk of damage to overlying masonry buildings

with strip foundations, however the tunnel-soil-masonry building interaction (TSBI) mecha-

nisms are not well understood due to the difficulty in accurately reproducing and predicting

complex real-world situations (such as structural details and building materials). The CCNM

technique (Tang et al., 2024c) was demonstrated in Chapter 5 to provide, compared with con-

ventional constant load methods, the most accurate experimental data of the global tunnel-

masonry wall analysis problem by reproducing the tunnelling-induced load redistribution within

CDP masonry walls. The CCNM approach was therefore adopted in this chapter to further

investigate the mechanisms of how tunnelling activities induce soil displacements and cause

distortion and damage to different masonry walls with strip foundations.

This chapter presents findings from ten geotechnical centrifuge tests using the CCNM ap-

proach (see Table 6.1, which is the same as Table 3.8 in Section 3.3), including one green-

field tunnelling test and nine tunnel-masonry wall interaction tests (representing classic cases

of tunnelling directly underneath masonry walls, with a wall-to-tunnel eccentricity e/L = 0).

The study considers five standard masonry walls (with different height and opening ratios) and

four additional non-standard walls (with variations in Young’s modulus or density within the

standard two-storey masonry wall H8.5O19) designed to isolate the influence of wall bending

153
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stiffness and self-weight. The non-standard walls H8.5O19E- and H8.5O19E+ have similar

bending stiffness to the standard walls H4.5O20 and H12.5O19, respectively. The non-standard

walls H8.5O19d- and H8.5O19d+ have the same self-weight as the standard walls H4.5O20 and

H12.5O19, respectively.

This chapter first presents the results of tunnelling-induced tensile and angular distortions

within different masonry walls, followed by an anslysis of the deformation parameters (such as

settlement Sv , deflection ratio DR, and modification factors of deflection ratio M DR) based on

the wall base and greenfield surface settlement profiles. This is followed by results relating to

the foundation settlement (measured by LVDT and PIV) and its compatibility with wall base

settlement (fitted LVDT curve) in Abaqus and the underlying surface settlement (measured by

PIV) in the centrifuge. Finally, tunnelling-induced soil movement is presented along with a

discussion on how these affect and are affected by the masonry walls. This chapter reveals the

influence of the geometric factors of walls (including height and openings) and internal factors

within masonry walls (i.e. bending/shear stiffness, self-weight) on the TSBI problem.

Table 6.1. Test summary (in prototype scale)

Test
series

No. Label a Height
(m)

Opening
(%)

E I b

(GN ·m2)
G As

b

(GN)
Surface

pressure (kPa)

1 GF / / / / /

St
an

da
rd

2 H4.5O20 4.5 20 12.7/26 0.8/1 17.7

3 H8.5O19 8.5 19 52/88.1 1.9/1.8 33.6

4 H12.5O19 12.5 19 106.6/161.6 1.9/2 49.6

5 H8.5O0 8.5 0 69.3/101.9 4.4/4.7 41.7

6 H8.5O27 8.5 27 47.5/71.8 1.1/0.9 30.3

N
on

-s
ta

nd
ar

d 7 H8.5O19E- 8.5 19 12.1/33.4 0.4/0.4 33.6

8 H8.5O19E+ 8.5 19 107.5/146.9 3.9/3.8 33.6

9 H8.5O19d- 8.5 19 52/88.1 1.9/1.8 17.7

10 H8.5O19d+ 8.5 19 52/88.1 1.9/1.8 49.6

a GF: greenfield; H: height; O: opening percentage; E: Young’s modulus; d: density; +: increase;

-:decrease; b E I : bending stiffness; G As : shear stiffness; wall only / wall + foundation
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6.1 Tensile and angular distortions within masonry walls

Figs. 6.1-6.2 illustrate the distribution of tensile strain within different masonry walls at Vl ,t =
2.2%, along with corresponding characteristic tensile strains εt

99 (the strain that is not exceeded

in 99% of the total volume of the masonry wall, as adopted by Yiu et al. (2017)) and the

percentages of moderate and above damage areas (Mod. D., defined as εt > 0.0015 according

to Mair et al. (1996); results rounded to nearest integer value). Tensile damage phenomena tend

to concentrate in the centre and lower part of the walls (i.e. beneath the door and near its top

corners when applicable) and radiate to the surroundings (spanning approximately −5 m to 5 m

horizontally, roughly representing sagging regions on the surface settlement curves).

Fig. 6.1. Distributions of max principal strain (tensile strain) of non-standard walls at Vl ,t =
2.2%

Firstly, the effect of bending stiffness E I of the masonry walls (determined by Young’s
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modulus E) in Fig. 6.1(a-c) is discussed. The low-E wall (H8.5O19E-) with the lowest bend-

ing stiffness is most susceptible to tensile deformation, with the highest severity (εt
99) and area

of damage (Mod. D.). As the bending stiffness was enhanced (H8.5O19E- vs H8.5O19 vs

H8.5O19E+), both the characteristic tensile strain εt
99 and the area of Mod. D. are reduced.

Considering the relative values of bending stiffness of the three walls (0.4:1:1.7, including

foundation), higher bending stiffness is seen to have a limited effect on reducing wall defor-

mation, whereas lower bending stiffness significantly increases the risk of wall damage. The

high Young’s modulus of H8.5O19E+, compared to H8.5O19, results in a more dispersed dis-

tribution of tensile damage within the wall, with more significant damage occurring around

the two windows adjacent to the middle upper one and between the lintels of the lower layer

windows; the main area where damage is concentrated (i.e. around the door) is slightly smaller.

Note that for the masonry walls without a foundation and with identical structural details

(i.e. H8.5O19, H8.5O19E+, and H8.5O19E-), the shear stiffness G As is proportional to the

bending stiffness E I in the elastic range (E I /G As ≈ 27-30, see Table 6.1). When considering

the walls with the foundation together, the ratio E I /G As ≥ 39, indicating a greater proportion of

bending behaviour. Additionally, it was demonstrated in Section 5.2.2 that bending distortions

(in sagging regions above the tunnel) are dominant in such cases. Thus, the bending stiffness

E I is primarily considered to describe tunnelling-induced building deformations; the shear stiff-

ness G As also affects wall behaviour (discussed later in this section) but could not be analysed

independently among H8.5O19, H8.5O19E+, and H8.5O19E-.

Figs. 6.1(d, b, e) examine the effect of an increase or decrease in wall self-weight on the

characteristic tensile strain εt
99 and areas of Mod. D., with self-weight ratios for H8.5O19d-,

H8.5O19, and H8.5O19d+ being 0.5:1:1.5. Higher self-weight walls (H8.5O19d+, H8.5O19)

exhibit concentrated damage at the bottom of the lower openings and between their lintels pri-

marily stemming from excessive gravitational loads, while the lower self-weight wall (H8.5O19d-

) shows scattered damage, partly around the upper openings, due to significant distortions.

It is observed that the geometries of damage between local tensile damage areas within the

walls are influenced by wall material properties. Low bending stiffness and high self-weight,

through different mechanisms, tend to create vertical connections between local damage areas;
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conversely, high bending stiffness and low self-weight contribute to horizontal connections.

Fig. 6.2. Distributions of max principal strain (tensile strain) of standard walls at Vl ,t = 2.2%

Next, the standard masonry walls are analysed. Comparing H8.5O0, H8.5O19, and H8.5O27

in Figs. 6.2(d, b, e), the presence of openings slightly increases the characteristic tensile strain

εt
99 and significantly reduces the (ratio of) damage areas within the masonry walls. The wall

without openings (H8.5O0) exhibits beam-like behaviour, characterised by significant tensile

damage at the lower part of the wall and relatively uniform strain gradients. The higher bend-

ing stiffness and self-weight (mentioned earlier), coupled with the absence of openings in the

structure, impose more significant local constraints within the wall H8.5O0, collectively result-

ing in a larger and more continuous damaged area in the wall. The proportion of damage area

in H8.5O19 and H8.5O27 is identical, with the latter having slightly lower bending stiffness

and self-weight than the former. However, the significantly reduced shear stiffness of H8.5O27

allows the entire wall greater flexibility (i.e. the ‘columns’ and ‘beams’ around (between) the
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openings are more prone to deformation), resulting in lower characteristic tensile strain εt
99 and

a more dispersed distribution of damaged areas.

As shown in Figs. 6.2(a-c), changes in wall height (or the number of storeys) involve various

factors including bending stiffness, shear stiffness, and self-weight of the masonry wall. Taller

walls exhibit more damage areas of high-magnitude tensile strains on the ground floor. Com-

paring the two- and three-storey walls (H8.5O19 and H12.5O19 with the same shear stiffness),

they have the same ratio of Mod. D. (15%), whereas the characteristic tensile strain εt
99 of the

three-storey wall is lower. The damage distribution within H12.5O19 shows a concentration in

the middle and lower layers of the wall (caused by higher self-weight) and a small area of dis-

persion (caused by higher bending stiffness). The values of the characteristic tensile strain εt
99

and the ratio of Mod. D. areas are close to the two-storey wall H8.5O19E+, which has a similar

bending stiffness to H1.25O19. Compared to the two-storey wall (H8.5O19), the characteristic

tensile strain εt
99 of the one-storey wall (H4.5O19) is higher (similar to the value of the two-

storey wall H8.5O19d- which has the same self-weight as H4.5O20), however the proportion

of medium damaged areas is only 8%, roughly half of that of the two-storey wall. The tensile

strain around the two window openings near the edge of the one-storey wall is minimal, which

is different from other walls, possibly due to the larger length-to-height ratio L/H = 4.4. The

lower bending stiffness, shear stiffness, and wall self-weight all contribute to significant differ-

ential settlement of the wall during tunnelling (see Fig. 6.6), the primary factor influencing the

internal tensile strain of the wall.

The masonry walls can be divided into five bays according to the locations of openings, as

illustrated by the red dots and dashed lines in Fig. 3.19. Fig. 6.3 provides the angular distor-

tions β of all bays during tunnel volume loss and demonstrates that bays 2 and 4, immediately

adjacent to the central bay (the walls are symmetric about the central bay), generally have the

highest values of β, except for H4.5O20 where β for bays 1 and 5 are only slightly higher.

As such, Fig. 6.4 shows βmax obtained from bay 4, which generally represents the maximum

values of angular distortion. Taking the two-storey masonry wall H8.5O19 as a baseline, re-

duced shear stiffness (H8.5O27) and self-weight (H8.5O19d-) result in a significant increase

in angular distortion, while increased self-weight (H8.5O19d+) causes a slight reduction. The
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Fig. 6.4. Angular distortion of bay 4 against tunnel volume loss

higher bending stiffness (H8.5O19E+) homogenizes the local damage area (below the door,

extending to both sides; see Figs. 6.1(b-c)), but instead increases the bay angular distortion;

reducing the bending stiffness (H8.5O19E-) forms a vertical continuous damage area on both

sides of the middle openings (see Figs. 6.1(a-b)), maintaining the integrity of adjacent bays after

Vl ,t ≥ 1.6%, i.e. slightly reducing the bay angular distortion. Consequently, the one-storey wall

H4.5O20, featuring low bending/shear stiffness and self-weight, exhibits the maximum increase

in magnitude in bay angular distortion. In contrast, the bays of the three-storey wall H12.5O19
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and the wall without openings H8.5O0 behave similarly to that of H8.5O19.
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Fig. 6.5. Modification factors of angular distortion Mβ against relative soil/building shear stiff-
ness κ at Vl ,t = 1.1% and 2.2%

Fig. 6.5 presents the relationship between modification factors of the maximum angular dis-

tortions Mβ and corresponding relative soil/building shear stiffness κ (which considers χ in

the same way as Eq. 2.31, i.e. G A∗
s = G As/(χl ) where χ = (20.79× 2.66)/(20× 0.571) = 4.8

representing the foundation-to-wall bottom area ratio, as proposed by Franza et al. (2020b) to

describe buildings with strip foundations) at Vl ,t = 1.1% and 2.2%. With increases in tunnel

volume loss, the relative shear stiffness κ decreases due to soil stiffness degradation, and the

modification factors tend to increase, consistent with Fig. 6.4. The modification factors of the

maximum angular distortions Mβ for different walls roughly increase with corresponding rela-

tive soil/building shear stiffness κ; similar increasing trends were reported by Son and Cording

(2005); Xu et al. (2020b); Yu (2024) using comparable methods.

In summary, the impact of wall height when going from two to three storeys (H8.5O19,

H12.5O19) on tensile and bay angular distortion is relatively minimal (consistent with findings

by Yiu et al. (2017); Xu et al. (2020b)). Compared with the reference two-storey wall H8.5O19,

special attention is needed for (1) the increased tensile damage areas and the different tensile

damage distributions within walls with no openings (H8.5O0, without opening-induced stress

concentrations inside the walls) and (2) for the increased bay angular distortions of larger-

opening walls (H8.5O27) and one-storey walls (H4.5O20) due to lower bending/shear stiffness
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and self-weight.

6.2 Deformation parameters of wall base settlement

Fig. 6.6 illustrates the wall base settlement profiles under the influence of wall height, opening

areas, bending stiffness, and self-weight at Vl ,t = 2.2%. Figs. 6.7-6.8 present the deflection ratios

of wall sagging/hogging regions and corresponding modification factors relative to greenfield

data during tunnel volume loss, respectively.

Under identical or similar wall geometry conditions as the reference wall H8.5O19, lower

shear stiffness (H8.5O27 in Fig. 6.6(b)), bending stiffness (represented by Young’s modulus;

H8.5O19E- in Fig. 6.6(c)), and self-weight (H8.5O19d- in Fig. 6.6(d)) results in, as expected,

a significant increase in differential settlement, whereas the maximum settlement (i.e. at the

centre of the settlement trough) remains nearly unchanged. The higher bending stiffness case

H8.5O19E+ in Fig. 6.6(c) reduces the settlements by 2-5 mm, however causes an increase in

differential settlement (especially in the central region between −5 m and 5 m). This counter-

intuitive outcome occurs because of the non-linear response within the CDP model; the elevated

Young’s modulus of H8.5O19E+ induces a more dispersed region of yield within the wall,

thereby resulting in a reduction in effective secant stiffness of the wall and more severe localised

distortion. The higher self-weight case H8.5O19d+ in Fig. 6.6(d) exhibits a similar settlement

profile to the reference wall H8.5O19, except for a slightly higher settlement and differential

settlement in the central part.

Compared to the reference two-storey wall H8.5O19, the differential settlement of the

one-storey wall H4.5O20 in Fig. 6.6(a) is increased markedly (with a lower maximum set-

tlement) due to the lower bending stiffness, shear stiffness, and self-weight. Conversely, the

three-storey wall H12.5O19 has a settlement profile similar to that of H8.5O19, however, with

settlement values being reduced by approximately 2-3 mm and, different from H8.5O19E+ and

H8.5O19d+, reduced differential settlement attributed to the combined influence of higher bend-

ing stiffness and self-weight. This implies that the construction characteristics of the walls also

contribute to the tunnel-building interaction process, influencing the deformation and load re-
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Fig. 6.6. Settlement troughs of wall base and greenfield surface at Vl ,t = 2.2%

distribution inside the walls. The wall without openings H8.5O0 in Fig. 6.6(b) exhibits greater

differential settlement and maximum settlement due to the continuous stress distribution (i.e.

without structural concentrated stress) within the wall and the higher weight at the positions of

openings.

There is an approximately linear relationship between the wall sagging/hogging deflection

ratios DRsag /hog and tunnel volume loss in Fig. 6.7. The masonry walls predominantly ex-

perience sagging, with high-magnitude sagging and low-magnitude hogging deflection ratios.

Consistent with the changing trends of the differential settlements of entire walls, compared

with the reference wall H8.5O19, more flexible/lighter walls related to the one-storey wall

(H4.5O20. H8.5O189E-, H8.5O19d-) show higher sagging deflection ratios during tunnel vol-

ume loss, close to that of the greenfield surface; H8.5O27 behaves similarly to H8.5O19 before

Vl ,t = 1%, after which the sagging deflection ratios of H8.5O27 exhibit a higher level; an in-

crease in bending/shear stiffness or self-weight (H8.5O19E+, H8.5O19d+, H8.5O0) slightly

increases the sagging deflection ratios, while the three-storey wall (H12.5O19) slightly reduces

the sagging deflection ratios.

The modification factors of deflection ratios M DR,sag /hog in Fig. 6.8 reproduce the relation-
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Fig. 6.7. Building deflection ratios in sagging and hogging zones against tunnel volume loss

ships between the magnitude of sagging/hogging deflection ratios of different walls in Fig. 6.7,

and the changes in the hogging zones are more pronounced. Hogging deflection ratio mod-

ification factors exhibit a gradual increase before reaching 1% tunnel volume loss, followed

by a rapid ascent (towards 1, where a value of 1 indicates it matches with greenfield condi-

tions). This trend arises from the initial small span and differential settlement in hogging areas,

both of which increase with tunnel volume loss. The sagging deflection ratio modification

factors rapidly increase before 1% tunnel volume loss and remain relatively constant (in the

0.7-1 range) thereafter. These results underscore the credibility of evaluating wall deformation

deflection ratios through the greenfield data.

Fig. 6.9 presents the deflection ratio modification factors of wall sagging/hogging regions

M DR,sag /hog against relative building/soil stiffness (a) ρsag /hog (see Eq. 2.29, Goh and Mair

(2011)) and (b) ηsag /hog (see Eq. 2.30, which factors in wall shear stiffness, Franza et al.

(2020a)) at Vl ,t = 1.1-2.2%. The greenfield soil secant stiffness (Es ≈ 43.2 MPa and 65 MPa

at Vl ,t = 1.1% and 2.2%, respectively, from Xu et al. (2020b)), was used to calculate the relative

stiffness in all cases, and thus the influence of wall self-weight (increasing the effective soil

stiffness by less than a factor of two in a logarithmic scale) is ignored. Note that previous esti-

mations of the relative stiffness tend to employ greenfield sagging/hogging spans (Franza et al.,

2017; Xu et al., 2020b), while the calculation in this study adopted the spans of the wall base
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Fig. 6.8. Modification factors of sagging/hogging deflection ratios against tunnel volume loss

(Franza et al., 2020b); this does not cause any obvious differences in the adopted log-scale.
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Fig. 6.9. Modification factors of deflection ratio M DR,sag /hog against relative building/soil stiff-
ness (a) ρsag /hog and (b) ηsag /hog at Vl ,t = 1.1-2.2%

The distribution patterns of the modification factors exhibit similarities for both types of

relative stiffness, i.e. the wall sagging/hogging deflection ratio modification factors (repre-

senting wall deformation) are reduced with higher relative stiffness values. This is less true

in Fig. 6.9(b), which has a more concentrated (vertical) grouping of results with respect to

ηsag /hog . From a practical perspective, these results may, therefore, not be very useful, since

for a given value of ηsag /hog one could obtain a large range of values of M DR,sag /hog . In other

words, applying ηsag /hog is not particularly suitable for the cases in this thesis.
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The relative stiffness of hogging areas tends to surpass that of sagging areas due to the

shorter hogging spans (note that, in the calculation of relative stiffness here, sagging/hogging

span was the only variable that affects the sagging/hogging relative stiffness for a wall at a cer-

tain tunnel volume loss). Higher sagging/hogging relative stiffness is typically associated with

higher wall bending stiffness and self-weight, both of which could change the wall settlement

profiles. As tunnel volume loss increases, deteriorated soil stiffness and reduced sagging span

result in an increase in the relative stiffness of sagging regions.

The envelopes in Fig. 6.9 (i.e. the grey solid lines) were proposed by Mair (2013) to match

field and numerical and centrifuge modelling data of buildings with shallow foundations af-

fected by tunnelling or deep excavations. The envelope positions are primarily determined

using sagging data (sagging regions are predominant; see Fig. 6.7), with hogging data not nec-

essarily covered considering the possible errors in the response of the shorter hogging regions

(discussed later). The relative stiffness of sagging regions exceeds the envelope range by ap-

proximately 1.5-2 orders of magnitude (see the red dotted envelopes); the cause of this can be

related to two reasons.

First, the normalised bending stiffness E I∗ of the single walls in this work might be greater

than entire buildings in realistic cases. For example, H8.5O19 has E I = 88.1 GN·m2 and E I∗ =
31.9 GN·m2/m (Eq. 2.31, where χ = 4.8, mentioned in Section 6.1); comparable field cases

from DeJong et al. (2019) have E I = 13-41 GN·m2 and E I∗ = 0.5-2.8 GN·m2/m (where χ = 1

representing raft foundation), contributing to approximately 1 order of magnitude offset. The

use of χ for single walls in this work is reasonable, because an assumed complete masonry

building comprised of two H8.5O19 walls (i.e. front and back walls) connected by two 10 m-

long plane walls gives the normalised bending stiffness of the entire building E I∗ = 88.1×
2/(10χ) = 23.5 GN·m2/m (where 88.1× 2 = 176.2 GN·m2 is the sum of bending stiffness of

the front and back walls H8.5O19 that is used to roughly represent the bending stiffness of the

complete building, and χ= (20.79×2.66×2+7.34×2.66×2)/(20×10) = 0.75 represents the ratio

of the bottom area of the strip foundations to that of the complete building) that is comparable

to the E I∗ of the single wall H8.5O19 (31.9 GN·m2/m).

Second, shorter sagging and hogging spans Lsag /hog give larger relative stiffness value (see
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Eqs 2.29-2.30). In this study, the values of Lsag /hog ≤ 15 m , whereas they are 15-28 m in Goh

and Mair (2011)). This difference would contribute to approximately 1 order of magnitude off-

set (the (1/Lsag /hog )3 ratio ((15+28)/2)3/((5+15)/2)3 = 9.9). Goh (2011) reported the results

of 10-60 m long buildings near deep excavations falling within the envelopes from Mair (2013),

however the results could not provide enough reference for short buildings spanning both sag-

ging and hogging zones (such as L = 20 in this study) due to the longer spans (Lsag /hog ≥ 20 m,

except for the 10 m-long building). Short buildings tend to exhibit relatively rigid behaviours

Goh and Mair (2011); Amorosi et al. (2014), which would affect the calculations of relative

building/soil stiffness. Goh (2011); Mair (2013) also reported the possible phenomenon of ap-

proximately an order of magnitude increment in relative stiffness under the influence of building

length and eccentricity.

6.3 Foundation displacement

Figs. 6.10-6.13 present the foundation settlement measured by seven LVDTs, its fitting curve

(representing the wall base settlement in Fig. 6.6 as well), foundation settlement/horizontal dis-

placement acquired using the GeoPIV-RG technique, and settlement/horizontal displacement of

the ground surface with and without the foundation/wall by GeoPIV-RG. Due to the strip foun-

dation model not being immediately against the inner face of the acrylic wall of the strongbox

(to avoid friction effects), the surface soil settlements are less than the foundation settlements

(see Figs. 6.10-6.11); this outcome is not realistic, i.e. it indicates that the soil and foundation

overlap by about 5-10 mm, or 0.07-0.14 mm in model scale; similar phenomena were also ob-

served within centrifuge modelling tests reported by Farrell et al. (2014); Ritter et al. (2017);

Xu et al. (2020b)).

In centrifuge simulations of excavating a tunnel directly beneath a building, gaps between

the bottom of the building (or shallow foundation) and the ground surface have been observed

(Farrell et al. (2014); Ritter et al. (2020) for Vl ,t ≥ 1.4-2%). However, employing more flexi-

ble, lighter, or shorter building models in centrifuges or numerical modelling is less likely to

generate such gaps (demonstrated in Farrell et al. (2014); Yiu et al. (2017); Xu et al. (2020b) at
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Fig. 6.10. Vertical displacements at foundation base level for standard walls at Vl ,t = 2.2%
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Fig. 6.11. Vertical displacements at foundation base level for non-standard walls at Vl ,t = 2.2%
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Fig. 6.12. Horizontal displacements at foundation base level for standard walls at Vl ,t = 2.2%
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Fig. 6.13. Horizontal displacements at foundation base level for non-standard walls at Vl ,t =
2.2%
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comparable volume losses indicated above).

In this study, a minimum nominal load of -20 N (an upwards force accounting for the self-

weight of the load actuation components below the load cell and approximately 1/6 the foun-

dation self-weight, representing the force needed to lift the (local) foundation off the surface)

was adopted; the control program never allowed the foundation load to go below this value.

This was done to ensure no obvious soil-foundation separation, which could cause, upon pos-

sible subsequent reloading, an impact force on the soil (since the actuators are load-controlled

and the separation distance would not be controllable). Fig. 6.14 shows the change in founda-

tion loads for the central load actuator (i.e. actuator a4 that was directly above the tunnel, see

Fig. 3.12(b)), and Fig. 6.15 shows the actuator force from a1-3. The load adjustments show

variability from one volume loss stage to the next; this reflects the variability in the experi-

mental settlement data which feeds into the numerical calculation of foundation loads. Despite

this variability, the CCNM method still provides a reliable overall trend of the load adjustment

within the masonry walls.

Figs. 6.14-6.15 indicate that the actuator loads are transferred from the central part of the

strip foundation (a3-4) to its ends (a1-2) during tunnel volume loss. Similar phenomenon can

also be observed in eccentric cases in Fig. 5.6 in Chapter 5. Fig. 6.14 shows that most tests

maintain a load above 10 N throughout the tests, indicating that a gap is unlikely to form (in

particular the heavier H8.5O0 and H8.5O19d+ cases where the load remained above 20 N). The

non-standard walls with a high stiffness (H8.5O19E+) and low density (H8.5O19d-) have loads

< 0 N, indicating that a gap would likely form for these cases.

The PIV-measured foundation settlement profiles in Figs. 6.10-6.11 (circular markers), de-

spite measurement errors due to experimental constraints such as the small foundation thick-

ness, align closely with the LVDT (fitting) data (star markers and solid lines). The fitted curves

from the LVDT data are sent to Abaqus to obtain a revised loading on the foundation (see Sec-

tion 3.4.4), hence the agreement of the fitted curve (based on only 7 points) with respect to

the distributed settlements obtained from PIV is important. The close resemblance in the fitted

LVDT and PIV settlement profiles of the strip foundation therefore indicates that the load dis-

tribution at the base of the wall in the numerical model is consistent with the load distribution
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Fig. 6.14. Changes in vertical load (in model-scale) applied to the centre of the strip foundation
(from actuator a4) with tunnel volume loss
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Fig. 6.15. Changes in vertical load (in model-scale) applied to the strip foundation (from actu-
ators a1-3) with tunnel volume loss

applied to the strip foundation in the centrifuge model. The similar profiles of foundation and

surface PIV data (excluding the offset between them due to gaps between the foundation model

and the acrylic wall of the strongbox, explained at the beginning of this chapter) indicate that the

wall loads are appropriately transferred to the underlying soil (through the model foundation).

The impact of the walls on ground surface settlements is reflected in the changes at the base

of the wall in Fig. 6.6, with relatively smaller differential settlements between the foundation

centre and ends compared to the greenfield condition.

Compared to the greenfield surface in Figs. 6.12-6.13, masonry walls notably constrain soil
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horizontal movement beneath and around them, resulting in a sudden change in surface horizon-

tal displacement near both ends of the foundation. In turn, both ends of the foundation tend to be

embedded in the soil, restricting the foundation’s movement. In previous centrifuge modelling

studies, the horizontal displacement of buildings (base) on dense sand in symmetrical tunnelling

cases was deemed negligible due to the large stiffness and weight of the buildings (Farrell et al.,

2014; Yiu et al., 2017; Xu et al., 2020b). However, in this study, the strip foundation, consid-

ered separately from the walls, exhibits greater flexibility, making it more susceptible to the

influence of surface movement. Under forced vertical distributed loads, the horizontal displace-

ment of the foundation belonging to the most rigid and heaviest wall, H12.5O19, is the lowest,

consistent with previous studies (Farrell, 2011), while the foundation’s horizontal displacement

profile for the most flexible and lightest wall H4.5O20 closely mirrors the surface horizontal

displacement.

6.4 Soil movement

Soil movements are important in tunnel-soil-masonry wall interaction problems, which affect

the movements and deformations of the walls. A better understanding of soil movement patterns

would help predict the impact of current tunnelling activities on existing superstructures.

Figs. 6.16-6.19 present the soil vertical and horizontal displacements and engineering shear

and volumetric strains, respectively. The soil movement around the tunnel is minimally af-

fected by the masonry walls and exhibits similar displacement and strain profiles in all tests in

Figs. 6.16-6.19. Compared to the greenfield case, the presence of walls increases the overall

effective stress and stiffness of the soil beneath them. A significant phenomenon in soil move-

ment is a decrease in differential horizontal and vertical displacement (Figs. 6.16-6.17) and the

dilative response (Figs. 6.18-6.19) near the bottom of the walls, and a lower level of vertical dis-

placement (Figs. 6.16-6.17) and the presence of shear strains (Figs. 6.18-6.19) near the tunnel

crown.

Taking the standard two-storey masonry wall H8.5O19 as a reference, more flexible/lighter

walls (H8.5O19E-, H8.5O19d-, H8.5O27, H4.5O20) tend to cause the range of soil vertical
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Fig. 6.16. Soil (a) horizontal and (b) vertical displacements at Vl ,t = 2.2% (rectangular area on
surface shows the position of the wall, where applicable; the global scene is symmetrical about
the tunnel centreline)

displacement and shear below to contract towards the tunnel centreline, and the soil settlement

near the tunnel crown to be prevented. The reduction of wall bending and shear stiffness and

self-weight promotes the formation of a more complete and continuous soil shear zone near

the wall base. On the contrary, the stiffer/heavier walls (H8.5O19E+, H8.5O19d+, H8.5O0,

H12.5O19) expand the vertical displacement and shear range of the soil, moving away from

the centerline of the tunnel. The increase in self-weight, bending stiffness, and shear stiffness

promotes the formation of more dispersed soil shear zones near the wall base. These more rigid

masonry walls are also capable of causing a slight reduction in soil settlement above the tunnel

crown (especially H12.5O19), despite the expected increase in soil settlement due to higher

wall self-weight (as observed in H8.5O19d+).
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Fig. 6.17. Soil (a) horizontal and (b) vertical displacements at Vl ,t = 2.2% (rectangular area on
surface shows the position of the wall, where applicable; the global scene is symmetrical about
the tunnel centreline)

Fig. 6.20 illustrates ground settlement profiles at different depths normalised by cover depth:

z/C = 0.1, 0.25, and 0.5. The relationship between settlement troughs in different cases at the

same depth aligns with the relationship between the wall base settlements shown in Fig. 6.6

(where the wall base/foundation settlement can be considered equivalent to surface settlement

for these cases with no gaps, discussed in Section 6.3). This consistency reveals the connection

between soil movement and the induced wall deformation. In addition, the wall also affects soil

movement with this influence diminishing with soil depth. Taking greenfield and H8.5O19 as

a reference, the subsurface settlement profiles gradually resemble the reference cases at greater

depths, with smaller differences between the central (maximum) settlement. This is also sup-

ported by the trend of less difference in soil volume loss in difference cases at deeper positions
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Fig. 6.18. Soil (a) engineering shear and (b) volumetric strains (+ is dilation) at Vl ,t = 2.2%
(rectangular area on surface shows the position of the wall, where applicable; the global scene
is symmetrical about the tunnel centreline)

in Fig. 6.22.

Tunnel excavation in drained soil would result in an overall contraction or dilatant response

of the soil (Marshall, 2009; Franza et al., 2019). Fig. 6.21 presents the relationship between

surface soil volume loss Vl ,s and tunnel volume loss Vl ,t , where the gray dashed line rep-

resents Vl ,s = Vl ,t . The surface volume loss slightly exceeds the tunnel volume loss before

Vl ,t = 1.5%, representing soil contraction, and then it is observed that the surface volume loss

caused by overall soil dilation gradually decreases compared to the tunnel volume loss (except

for H8.5O19E-). In test H8.5O19E-, the centrifuge was stopped after a full stabilisation process

(i.e. 1-10-70-10-70-10-70-1 g) due to experimental reasons, and then the identical stabilisation

process was repeated before testing resumed, which means the soil was fully unloaded to 1 g
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Fig. 6.19. Soil (a) engineering shear and (b) volumetric strains (+ is dilation) at Vl ,t = 2.2%
(rectangular area on surface shows the position of the wall, where applicable; the global scene
is symmetrical about the tunnel centreline)

and experienced twice the number of stabilisation cycles as other tests. The results suggest that

this process had an effect on the response of the soil; the more dilatant response suggests that

the soil in this test was more dense before tunnel volume loss than other tests. However, this

issue is acceptable because the soil movement in test H8.5O19E- is comparable to other tests

(Figs. 6.16-6.20).

The subsurface soil volume loss in Fig. 6.22 provides a detailed explanation of the degree of

soil contraction or dilation at varying depths above the tunnel crown. In the range of z/C = 0.2-

1, soil volume loss decreases with increasing depth, indicating that the soil is contracting. Near

the surface (z/C = 0-0.2), the soil beneath the walls experiences a small increase (soil dilation)

or almost constant soil volume loss; the effect of the wall acts to diminish or reverse the tendency
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Fig. 6.20. Subsurface settlement troughs at depth of z/C = 0.1, 0.25, and 0.5 at Vl ,t = 2.2%

for soil contraction (which would otherwise occur in this range of soil depth, as demonstrated

by the greenfield data). Near the tunnel, soil dilation causes Vl ,s ≈ 1.5% at z/C ≈ 1. The local

soil contraction or dilation phenomena are consistent with Figs. 6.18(b) and 6.19(b) where the

regions near the strip foundation and around the tunnel exhibit volumetric strains indicative of

dilation while other areas situated between the tunnel and the surface exhibit volumetric strains

associated with contraction. Stiffer or heavier walls contribute minimal differences to the effects

on the soil, while more flexible or lighter walls tend to cause relatively smaller surface and

subsurface soil volume loss (such as H4.5O20, H8.5O35, H8.5O19E-, and H8.5O19d-).
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Fig. 6.21. Ground surface volume loss against tunnel volume loss
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Fig. 6.22. Changes in soil volume loss with normalised depth at Vl ,t = 2.2%

6.5 Summary

The damage mechanisms of masonry walls affected by tunnel excavation are complex and

remain an area of uncertainty within building damage assessment procedures. This chapter

presents the results from a centrifuge modelling study to investigate the interaction mechanisms

between tunnels and existing masonry walls on strip foundations. A new coupled centrifuge-

numerical modelling (CCNM) method was adopted, where foundation settlements and load in-

formation are shared between a physical model domain in the centrifuge comprising the tunnel,

soil, and strip foundation, and a numerical model domain in Abaqus comprising of a masonry
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wall. The physical and numerical domains have a shared boundary at the interface between the

wall and the foundation. The role of wall stiffness and self-weight are distinguished by vary-

ing Young’s modulus and density of a reference two-storey masonry wall with openings. Wall

distortion and damage parameters are used to evaluate the responses of standard masonry walls

(with different heights/storeys and door/window openings) to tunnel excavation. High bending

stiffness and low self-weight cause a dispersed distribution and horizontal propagation (along

the wall length direction) of tension damage areas within the walls; low bending stiffness and

high self-weight result in a concentrated distribution and vertical propagation (along the wall

height direction). Some counter-intuitive results are presented, such as the possibility of slightly

greater wall differential settlement with stiffer or heavier structures. This chapter also explores

the influence of the existing walls on soil movements during tunnelling, considering key factors

such as wall self-weight and stiffness.



Chapter 7

Conclusions and recommendations for

future work

The escalating demand for underground space by humans necessitates the construction of new

tunnels in close proximity to existing structures (including underground foundations and surface

buildings), thus it is vital to gain a deep understanding of how tunnelling impacts these existing

structures. This thesis provided insights into the mechanisms of tunnel-soil-pile interactions

(TSPI) and tunnel-soil-masonry building interactions (TSBI) with shallow strip foundations

through geotechnical centrifuge modelling tests in dense sand. Particularly noteworthy is the

development of an advanced coupled centrifuge-numerical modelling (CCNM) approach with a

continuous interface between physical and numerical domains to study, but not limited to, TSBI

problems. This chapter reviews the primary conclusions of this thesis (from Chapters 4, 5, and

6) and proposes potential avenues for future research in related areas.

179
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7.1 Conclusions

7.1.1 Load transfer mechanisms for capped piles

Chapter 4 investigated the effect of a model cap on the response to loading and tunnelling of

single pile foundations using data from sixteen 60-g geotechnical centrifuge tests in dense sand.

All piles were tested during tunnelling at a constant service load that was relatively close to the

load capacity of the corresponding uncapped pile, giving a nominal working load level W L

between 0.6 and 1.0 in all cases. In addition, the influence of the base load transfer mechanism

was studied to distinguish ‘reference’ and ‘friction’ piles, with the latter having a compressible

foam pile tip. The following main conclusions can be drawn.

• Spin-up mobilised relatively large pile base loads between 30%-50% of the external load

for all piles (due to the mass of instrumentation above the ground level and negative shaft

friction caused by the compression of the surrounding soil). The rigid tunnel reduced the

load capacity of piles located directly above the tunnel, likely due to a reduction in shaft

resistance caused by a stress arching mechanism above the model tunnel. Consequently,

pile capacity was assessed from tests where the pile was located directly above the model

tunnel. It was demonstrated that the presence of the rigid tunnel did not affect the trends

of load transfer mechanisms nor significantly affect their magnitudes; thus, tunnelling

tests were deemed to be acceptable within the context of the study aims.

• Results of uncapped non-displacement piles confirmed that piles would settle more than

greenfield movements (both at the surface and pile tip level) in dense sand, which was

consistent with previous studies in loose sand. Also, the tendency of the service load

(increase of W L) to increase tunnelling-induced pile settlements was confirmed. In this

study, the distributed measurements of axial force within the piles gave novel insights

into the link between geotechnical failure and the equilibrium state of piles during tun-

nelling. Namely, (i) brittle failure with extreme pile settlements (5-10 times greater than

greenfield values) was observed for uncapped non-displacement piles with W L ≈ 1 at

small volume losses; because shaft capacity had already been fully mobilised during pre-
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tunnelling loading, large pile settlements were needed to mobilise additional base capac-

ity to compensate for the reduction of shaft load caused by tunnelling-induced stress relief

(reducing mean effective stresses at the shaft). On the other hand, (ii) softening failure as-

sociated with a gradual increase in settlement rate with volume loss (pile settlements 2-4

times greater than greenfield values) was observed for uncapped non-displacement piles

with W L ≤ 0.7 at large volume losses; because the shaft capacity had not been fully mo-

bilised during pre-tunnelling loading, at low volume losses, the reduction in base load was

transferred to the shaft without incurring significant pile displacements; when at higher

volume losses, the shaft capacity was fully mobilised and the rate of pile settlement with

volume loss increased to mobilise a constant pile base load.

• Pile caps reduced tunnelling-induced settlements of non-displacement piles (pile head-

to-greenfield settlement ratio typically lower than ≈ 2) and prevented their geotechnical

failure (compared against equivalent uncapped piles). The load transfer mechanism of

capped piles during tunnelling depends on the service load. (i) For lower W L, the cap

does very little at lower values of Vl ,t when the reduction of base load can be accom-

modated by the shaft, whereas cap load is gradually mobilised at higher volume losses

(Vl ,t = 2%), preventing the softening failure that uncapped piles may be susceptible to. (ii)

In contrast, for piles with W L close to 1, where shaft resistance is fully mobilised prior

to tunnel volume loss, the cap load increases from very low values of volume loss (tak-

ing load lost at the pile base), preventing the risk of brittle failure by taking a significant

proportion of the external load.

• Post-tunnelling loading tests indicated no impact on load capacity for friction piles and all

capped piles; a minor reduction of ≈15% was observed for the reference pile. Regarding

tangent stiffness during pile loading, (i) tunnelling ‘reset’ the loading stiffness profiles (to

a lesser degree for the reference and friction piles), while (ii) the pre- and post-tunnelling

stiffness tended to converge at high values of pile settlement of about 10% of pile diame-

ter, except for the notable rapid drop in post-tunnelling loading stiffness for the reference

pile characterised by the reduction in load capacity. Therefore, tunnelling-stress relief
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in drained conditions may detrimentally affect non-displacement piles that rely on base

pressure, whereas the effect on frictional piles and capped piles is likely to be secondary.

• Ratios between pile head and greenfield surface settlements are summarised as a de-

sign guideline, including the influence of load level, pile type, and cap on the possible

geotechnical failure. In the absence of more rigorous modelling, a design value of R ≈ 2

is suggested for both capped and uncapped non-displacement piles when W L ≤ 0.7 (with

load capacity estimated from uncapped piles). Note that centrifuge test data from the

literature for uncapped piles has indicated relatively low values of R ≈ 1.2 for a W L of

0.4 (instead of 0.7); therefore, W L should be carefully considered when modelling these

interaction scenarios.

The outcomes presented in this thesis relate to a conservative tunnel-pile interaction condi-

tion where piles are relatively highly loaded and have proportionally higher base load mobilised

than would typically be expected for capped pile foundations. As such, from a design perspec-

tive, the effect of the key interaction mechanisms demonstrated in this thesis should be judged

more qualitatively with respect to the specific foundation and loading conditions under consid-

eration. For design scenarios, in which mobilised base load is relatively low, engineers may

consider the friction pile test results presented here as being more representative.

7.1.2 Verification and application of CCNM testing approach in tunnelling

under masonry walls

Chapter 5 introduced a newly developed coupled centrifuge-numerical modelling (CCNM)

technique for studying tunnel-masonry wall interaction problems related to non-linear building

materials and shallow strip foundations under plain strain conditions. In the CCNM approach,

the tunnel, soil, and foundation are included in the centrifuge, the masonry walls are created

in Abaqus, with the vertical loads and settlements exchanged between the strip foundation and

the wall base (representing a continuous interface between the physical and numerical model

domains). Results from eight geotechnical centrifuge tests at 70 g were presented to verify
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the effectiveness of the CCNM approach and its application in scenarios with different relative

wall-to-tunnel positions. The following main conclusions can be drawn.

• The CCNM approach includes flexible fitting curves for wall settlement to adapt to sce-

narios of different wall-to-tunnel eccentricities e/L: the modified Gaussian curve, the

exponential Gaussian curve, and the second-order Fourier curve apply to e/L = 0 (i.e. the

wall centre is directly above the tunnel), 0 < e/L < 1/2, and e/L = 1/2 (i.e. the wall side is

directly above the tunnel) scenarios, respectively. The wall settlement (fitted from seven

LVDT displacements), the strip foundation settlement (measured from both LVDT and

PIV), and the surface settlement (measured from PIV) profiles exhibited good consisten-

cies in CCNM tests. Satisfactory results were obtained from the CCNM testing method.

• Compared with the conventional constant dead load method (where constant loads repre-

senting initial load distributions within the masonry walls before tunnelling were applied

on the strip foundation during the tunnelling process), the CCNM testing on tunnelling

directly under two-storey masonry walls (with and without openings, e/L = 0) achieved

load redistribution within the masonry walls during tunnelling and captured the result-

ing wall settlement profiles and soil movements. The CCNM test results exhibited wall

loads being transferred from the wall centre to both ends, lower differential settlement

at the wall base, lower characteristic tensile strain εt
99 and similar/less areas of moder-

ate damage and above inside the wall, and more discontinuous shear regions near the

surface. These findings underscore the significance of incorporating load redistribution

within masonry walls in the CCNM approach for precise evaluations of wall distortions

and damage induced by tunnelling.

• It was demonstrated that the concentrated loads applied to the strip foundation by the

seven load actuators were adequately transferred to the underlying soil, as expected, due

to the foundation stiffness. During tunnel volume loss, the wall loads were transferred

towards the ends (if the ends were located in sagging regions) and the hogging regions

(if the ends were in hogging regions) in eccentric scenarios. With the wall-to-tunnel

eccentricity e/L increasing from 0 to 1/2, the inflection point of the wall base settlement
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profiles moved towards the tunnel centreline (with inflection points for e/L = 1/2 and

greenfield being similar), the location of tensile damage shifted from the lower part of the

wall to the upper part (near the middle of sagging/hogging regions), and the predominant

settlement pattern transitioned from sagging to hogging. The wall relative settlements and

tensile strain distributions indicated a deformation/tensile damage process characterized

by an initial decrease followed by an increase (with minimal deformation/tensile damage

occurring when the wall centre coincided with the inflection point for e/L = 1/3).

• The bay deformation parameters (such as top and base horizontal strains, relative set-

tlement, slope, tilt, and angular distortion) also supported the wall deformation/tensile

damage process with e/L. The vertical displacement of bays can be divided into tilt-,

bending-, and shear displacement, where tilt displacement was predominant; bays expe-

rienced more bending distortions when located near the tunnel centreline and inflection

points, while other bays underwent more shear distortions. The bays near the tunnel cen-

treline exhibited more bending behaviour (characterised by
∣∣Fbay

∣∣, proportional to the bay

shear-to-bending settlement ratio, of < 0.04) with equivalent plastic strain areas (PEEQ)

reducing with e/L; in contrast, those at inflection points or further away showed mixed

bending and shear response (0.04 < ∣∣Fbay
∣∣< 1) with PEEQ for bays further away tending

to increase with e/L. The minimal difference between bays in these parameters and the

lowest equivalent plastic strain areas for e/L = 1/3 again supported the lowest damage of

risk in this case.

7.1.3 Tunnel-soil-masonry wall interaction mechanisms

Chapter 6 presented results from ten 70-g geotechnical centrifuge tests using the CCNM tech-

nique to study tunnel-soil-masonry wall interaction mechanisms. The effects of mechanical

properties (including bending stiffness, shear stiffness, self-weight) and structural elements

(such as height, door and window openings) on wall deformations and damage during tun-

nelling directly beneath masonry walls were elucidated based on a reference two-storey ma-

sonry wall with 19% openings H8.5O19. The varying bending stiffness and self-weight of the
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reference wall H8.5O19, i.e. representing non-standard masonry walls, replicated the values of

corresponding standard one- and three-storey masonry walls. The following main conclusions

can be drawn.

• For non-standard masonry walls, an increase in bending stiffness, corresponding to ma-

sonry walls with one to three storeys, led to a decrease in characteristic tensile strain εt
99

and moderate damage areas and above (except the same ratios of damaged areas in the

cases with the bending stiffness of two- and three-storey walls). Changes in wall self-

weight, compared with the standard reference wall H8.5O19, resulted in an equal degree

of increase in characteristic tensile strain and damage areas. Through different mech-

anisms, low bending stiffness and high self-weight tended to centralise damage around

the door (i.e. at the centre and lower part of the walls) and established vertical connec-

tions (along wall height direction) between local damage areas; conversely, high bending

stiffness and low self-weight and shear stiffness contribute to a dispersed distribution of

damage, the formation of horizontal connections (along wall length direction), and higher

maximum angular distortions (for the bays located above the inflection points on surface

settlement curves).

• For standard one- to three-storey masonry walls, damage to the same location (e.g. the

ground floor) increased with wall height due to elevated wall self-weight loads. The

one-storey wall, characterised by the largest length-to-height ratio and the lowest bend-

ing/shear stiffness and self-weight, exhibited the lowest proportion of tensile damage

areas and the highest maximum bay angular distortion, with damage concentrated below

the door. The two- to three-storey walls (with identical shear stiffness and opening ratio)

demonstrated a consistent proportion of damage areas and maximum angular distortion,

indicating a minimal impact of increased bending stiffness and self-weight on overall wall

damage. The characteristic tensile strain and damage area ratio of the three-storey wall

can be reproduced by the non-standard two-storey wall with the same bending stiffness.

The wall without openings, compared to those with openings, showed a slightly lower

characteristic tensile strain, however a significantly larger damage area (proportion) due

to greater local constraints inside the structure. The two-storey wall with larger openings
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(27%; i.e. with less shear stiffness and more flexibility) lowered the characteristic tensile

strain while not altering the proportion of damaged area.

• More flexible or lighter walls, as anticipated, produced greater differential settlements,

with sagging deflection ratios closely resembling greenfield surface conditions, while

more rigid or heavier walls may also result in slightly larger differential settlements, with

a reduction observed only in the case of the standard three-storey wall. Greater wall

bending stiffness (relative to soil secant stiffness) corresponds to reduced deformation in

local areas of the structure, as indicated by lower levels of modification factors for sag-

ging and hogging deflection ratios. The maximum settlements of walls occurring directly

above the tunnel exhibit no significant difference, posing a challenge in establishing a

clear relationship between the maximum settlement values of different walls in complex

tunnel-building interaction scenarios, however the impact of this phenomenon on build-

ing damage assessment is minimal. The sagging relative building/soil stiffness was higher

than previous studies by approximately 1.5-2 orders of magnitude due to the higher stiff-

ness and shorter spans of the walls in this work.

• It was assumed no gap existed between the strip foundation and the surface since the ac-

tuator loads were insufficient to lift the foundation. Compared with greenfield conditions,

the presence of masonry walls increased the overall effective stress and stiffness of the un-

derlying soil, resulting in a decrease in differential horizontal and vertical displacement of

soil near the wall base, where more obvious soil dilation behaviours appeared. Simultane-

ously, the vertical displacement of soil around the tunnel crown decreased, accompanied

by observable shear strains. Based on the reference wall H8.5O19, more flexible (stiffer)

or lighter (heavier) walls caused the settlement and shear range of the underlying soil to

shrink towards (expand away from) the centerline of the tunnel, with more continuous

(dispersed) shear zones near the wall base. The impact of walls on soil settlement troughs

diminished with depth. Walls induced macroscopic soil dilation phenomenon (i.e. sur-

face soil volume loss less than tunnel volume loss; at Vl ,t ≈ 1.5%) earlier than greenfield

conditions (at Vl ,t ≈ 2%) by affecting the surrounding soil, while subsurface soil volume
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loss tended to exceed that in greenfield conditions due to the wall gravitational loads. Soil

in the depth range z/C = 0.2-1 above the tunnel was contracted on a macro scale.

7.2 Recommendations for future work

This thesis investigated the three-dimensional TSPI mechanisms and TSBI mechanisms under

plane strain conditions through centrifuge modelling tests in dense sand. The TSPI scenarios

involved single piles with different elements (i.e. pile cap and soft base) located directly above

the tunnel. The TSBI scenarios involved CDP masonry walls with diverse characteristics (in-

cluding wall height, openings, Young’s modulus, and density) above the tunnel. These findings

provide valuable guidance for engineers and researchers in field predictions and numerical and

theoretical analyses. Based on the work in this thesis, further investigations into tunnelling

scenarios could explore the following areas:

(1) Pile foundations

• This thesis delved into the load transfer mechanisms of capped piles. In future research,

diversifying the size and shape of piles and caps could enhance the understanding of

mechanical behaviours of engineering structures such as capped piles and pile-raft com-

posite foundations. The performance of the soft bases of friction piles fell short of ideal,

failing to achieve minimal pile base resistance (i.e. approximating zero). Exploring alter-

native methods, such as employing radially stiffer soft bases (diminishing the squeezing

of the soft base by surrounding sand; but flexible axially) or leaving pile bases unsealed

(directly reducing base load), could offer new insights into replicating the mechanical

characteristics of friction piles.

• This thesis investigated the pile failure mechanisms under high working load levels (W L ≥
0.6). In practical engineering, the pile working load level requirements tend to be more

conservative (for example, W L ≤ 0.4), underscoring the necessity of more studies to com-

prehend pile responses under lower working load levels that align with practical demands.
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Also, capped piles exhibited more complex load transfer mechanisms, warranting a sci-

entific redefinition of the W L.

• This thesis studied pile loading (away from the tunnel model or without a tunnel) and the

impacts of tunnel excavation on piles (with piles located directly above the tunnel), where

the piles are not subjected to horizontal disturbances. In reality, piles are often positioned

in proximity to tunnels, so it is possible to supplement research on the horizontal response

of adjacent piles during tunnelling.

• This thesis studied single-pile responses, whereas multiple piles are usually fixed beneath

buildings in realistic scenarios. Hence, the newly developed CCNM approach could be

adjusted appropriately for application in studying tunnelling effects on piled buildings.

(2) Masonry buildings with shallow strip foundations

• The newly developed CCNM approach has been applied to the TSBI problems. In the

CCNM technique, the strip foundations and masonry walls existed in centrifuge and nu-

merical domains, respectively, which would cause a certain degree of coupling errors

between the two separate domains. In the future, it is necessary to explore new methods

(such as novel theories, machine learning, and artificial intelligence) to more accurately

achieve coupling between the two model domains.

• This thesis exclusively employed a CDP constitutive model with a hardening failure char-

acteristic for masonry walls, and future work could apply more constitutive models ac-

cording to actual needs. Different structural characteristics and building positions relative

to the tunnel could also be considered.

• This study used 2D masonry wall models in Abaqus, and the CCNM approach allows for

the use of 3D building models under experimental plain strain conditions, which provides

more possibilities for simulating TSBI scenarios.

• The strip foundation model in this thesis was situated on the ground surface. Future

research could explore embedding the foundation into the soil at different depths. Differ-
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ent shallow foundations (with various sizes, shapes, and smooth/rough contact surfaces)

could be considered as well.

(3) Tunnelling and soil conditions

• This thesis investigated the influence of tunnel excavation under plane strain conditions.

However, since tunnel excavation is inherently a 3D problem, future work could focus on

establishing 3D tunnelling scenario testing.

• This thesis only used dense dry fine silica sand, and various soil types (such as clay, sand,

gravel, and their mixture) along with different densities could be considered according to

specific requirements, as well as the location of tunnels, buildings, and foundations.
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